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In this combined experimental and numerical study, the propeller–airframe aerodynamic interaction is
characterized for an aircraft configuration with propellers mounted to the horizontal tailplane. The contributions
of the propeller and airframe to the overall loading are distinguished in the experimental analyses by using a
combination of external balance and internal load cell data. Validated computational fluid dynamics simulations are
then employed to quantify the interaction at a component level. The results show that the propeller installation shifts
the neutral point aft with increasing propeller thrust. For the configuration considered herein, the yawing moment
due to sideslip is increased by approximately 10%, independent of the propeller thrust coefficient. The changes in
propeller loading due to the airframe-induced flowfield are the dominant factor to change the airframe stability and
performance. The prominent installation effects occur at high angle of attack, because in that condition the propeller
experiences a significant nonuniform inflow that affects the propeller and tailplane. The relatively large propeller
diameter compared with tailplane span leads to a change of the tailplane root vortex that causes the tailplane
effectiveness to reduce with an inboard-up rotating propeller.
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propeller rotational speed, s−1 ; yawing moment,
N ⋅ m; section normal force, N ⋅ m−1
shaft power, W
pressure, Pa
torque, N ⋅ m
torque coefficient, Q∕q∞ Sp Dp
dynamic pressure, Pa
radius, m
Reynolds number based on chord
radial coordinate, m
area, m2
thrust (along propeller rotation axis), N
thrust coefficient, T∕q∞ Sp
thrust coefficient along x axis, Fxp ∕q∞ Sp
velocity in Cartesian system, m ⋅ s−1
velocity, m ⋅ s−1
propeller coordinate system, m
aircraft coordinate system, m
dimensionless wall distance
aspect ratio
angle of attack, deg
angle of sideslip, deg
circulation, m2 ⋅ s−1
deflection, deg
downwash angle, deg
propeller efficiency, TV ∞ ∕Ps
propeller efficiency in x direction, Fxp V ∞ ∕Ps
density, kg ⋅ m−3
sidewash angle, deg
propeller phase angle, deg
vorticity, s−1
 ∞
normalized vorticity, ωc∕V
normalized vorticity, ωDp ∕V eff
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Introduction

ODERN propellers are an attractive means of aircraft propulsion for short- to medium-range missions because of their
inherent high efficiency compared with technology-equivalent turbofans [1–11]. Block fuel savings up to 20% have been anticipated
for missions that are climb and approach dominated [4,12–14].
Flights of medium range (1000–2000 nautical miles) with design
cruise Mach numbers between 0.7 and 0.8 are predicted to achieve
fuel savings of 10–20% [12,14,15]. Despite the lower or equal
community noise levels compared with turbofans [12,14], a drawback of unducted propellers is increased cabin noise [16,17], in
particular for flight Mach numbers ranging from 0.6 to 0.8. This
noise is caused by an airborne contribution due to the unsteady
pressure field induced by the rotating blades and the propeller–airframe interaction, and a structureborne contribution due to vibrations
from the engines, propellers, and propeller–airframe interaction
[18–21]. However, because of the significant propulsive efficiency
benefit, as consistently demonstrated in several industrial and governmental research programs, propellers remain appealing for the
next generation of energy-efficient aircraft.
Despite successful reductions of cabin noise by employing various
techniques [16,17,19,22–29], the cabin noise levels of current turboprops are still several decibels higher compared with turbofan-driven
aircraft [17,20,25,30,31]. This noise penalty is aggravated due to the
tonal components of the noise spectrum, which are perceived by
passengers as more annoying than broadband noise [17]. Historically,
large propeller-driven commercial aircraft for passenger transport have
been equipped with wing-mounted tractor propellers. For these aircraft, the highest sound pressure levels on the fuselage outer surface fall
within 30 deg from the propeller rotation plane [17,32,33]. The
distribution of the overall sound pressure level inside the cabin is less
concentrated because of various transmission mechanisms [30,34],
and the highest interior noise level is typically located approximately
one diameter downstream of the propeller rotation plane, near the
wing–fuselage junction [25,30,34]. Alternatively to the passive shielding methods that have been investigated for these configurations
[5,31,35], a larger reduction in perceived airborne and structureborne
noise can potentially be achieved by mounting the propeller propulsion
system to the tailplane or a pylon, as already proposed in the 1980s
[1,4,6,9,21,30,36]. For such a aft-mounted propulsion arrangement,
several additional advantages have been identified from an aerodynamic-efficiency perspective, such as the potential of an extended
region of laminar flow on the wing [37], and reduced adverse compressibility effects on the wing and nacelle at flight Mach numbers up
to 0.8 [38]. Recently, industry has expressed renewed interest in the aftmounted propeller configuration, e.g., aircraft manufacturer Embraer
[39] and aircraft engine manufacturer SAFRAN [8].
The unconventional placement of the propeller propulsion system
at the back of the aircraft also brings challenges in terms of design,
performance, structural integration, and operation. Compared with
the conventional wing-mounted tractor configuration, on which
extensive literature has been published, a number of differences in
the type and magnitude of propeller–airframe interaction effects can
be distinguished for the rear-mounted propellers. In a wing-mounted
tractor configuration, the integral propeller forces are only marginally
influenced by the wing-induced flowfield [40–42], and the propeller
contribution to aircraft stability and trim can be estimated using
linearized models [43]. Typically, the propeller forces are treated
determined without including the influence of the airframe [44]. In

these configurations, the propeller-induced flowfield primarily
affects the forces on the wing, which have a limited effect on static
stability due to the close proximity to the aircraft center of gravity. On
the other hand, the complex flowfield at the tail surfaces leads to large
variations of static longitudinal stability between various aircraft
attitudes [43,45–49]. Moreover, the wing-induced crossflow to the
vertical tailplane affects the directional stability and trim [45,49–52].
From the preliminary design activities on different rear-mounted
propeller configurations, the pylon-mounted and horizontal-tailmounted tractor configurations were found to be most feasible, based
on various performance indicators [1,6,30,53]. Recently, the horizontal-tail-mounted configuration was revisited in the European CleanSky research project Innovative turbopROp configuratioN (IRON)
[37,54,55]. These studies concluded that, compared with a wingmounted propeller configuration, the relatively large excursion of the
center of gravity requires larger tail surfaces and introduces additional
trim drag, also observed in Ref. [56]. These losses may even offset any
benefits gained from a partially laminar wing. For example, in Ref. [30]
it is estimated that the fuel saving potential of using propellers instead of turbofans could reduce with 50% compared with the wingmounted propeller configuration for missions of over 1500 nautical
miles. These previous studies, however, acknowledge the limited
details of the complex propeller–airframe aerodynamic interaction that
was included in the performance assessments. For example, to assess
the impact on static stability, the rear-mounted propeller was treated as
an isolated propeller at a distance from the aircraft center of gravity,
neglecting the changes in the airframe and propeller forces due to the
aerodynamic interaction. The main wing, high-lift system, and
fuselage induce a nonuniform flowfield to the propeller that affects
both time-averaged and unsteady propeller forces in the out-of-plane
and in-plane directions, as well as the propeller efficiency. As the
propeller is relatively far from the aircraft center of gravity, the change
in propeller loading due to the nonuniform inflow impacts the aircraft
stability and trim characteristics. A variety of studies on propeller–
wing aerodynamic interaction have indicated that the wing aerodynamic characteristics are highly influenced by the location and rotation
direction of the wing-mounted tractor propeller [42,57–59]. Therefore,
the close proximity of the propeller to the stabilizing surfaces further
affects the stabilizing contribution of the tailplane.
Despite the various works published on propeller–airframe aerodynamic interaction for several decades of which Ref. [2] has provided an
overview of a range of studies, a synthesis of the aerodynamic interaction between rear-mounted propellers and the airframe has only been
addressed by a few authors. Earlier experimental work and conceptual
design studies [1,30,60–62] on the rear-mounted propeller configuration showed that the overall longitudinal and lateral static stability are
not adversely affected by the propeller installation, which is attributed
to a more effective horizontal tailplane and the stabilizing contribution
of the propeller normal force [63]. The most detailed experimental
campaign performed on such configuration is presented by Ridder
[62]. In that study, integral force measurements show an appreciable
effect of the propeller installation on the change in trim, static stability,
and control authority. The measured flowfields also confirm a nonuniform inflow to the propeller. However, the relative contributions of the
propeller and airframe to the overall vehicle performance were not
assessed, while these are key in order to understand the relevant
interaction phenomena. Therefore, a more detailed breakdown of the
propeller–airframe interaction in this unconventional configuration is
required, as this can lead to improved performance predictions and,
ultimately, improved design choices.
The goal of this paper is therefore to characterize the changes
in aircraft static stability, control, and performance due to the rearmounted propellers by analyzing the time-averaged propeller–
airframe aerodynamic interactions. To this end, analyses were
performed on a 5%-scale model of a low-wing regional turboprop
aircraft configuration with tail-mounted propellers. A combined
experimental and numerical approach was selected to analyze the
aerodynamic interaction on both component and aircraft level for a
large range of operating conditions. The experimental setup is used to
assess the time-averaged effect of the propeller installation on the
propellers and at aircraft level. The numerical setup complements the
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Ref. [70]. The CAD geometries of the model and wind tunnel section
and the coordinates of the wing DU 96-150 airfoil are attached to this
paper as Supplemental Materials S1.
The wind-tunnel model was equipped with two six-bladed, steel
propellers, which had been employed and characterized in previous
studies [71–73]. The corresponding performance and flowfield data of
the isolated propeller that serve as reference throughout the current
paper are described in Ref. [71]. The blade pitch of 45  0.05 deg at
70% radius and the advance ratios were selected such that the range
of nondimensional force coefficients (CT , CP , T C , QC , CNα ) and
tip vortex pitches obtained in the experiment are comparable to
those of full-scale propellers operating at cruise to climb conditions
[28,30,41,63]. The advance ratio was varied between J  2.3 and J 
1.6 by changing the rotational speed to achieve thrust coefficients from
T C  0.01, representing approach conditions, up to T C  0.28, typical for cruise and climb conditions. Both inboard-up (IU), outboardup (OU), and corotating (CO) propeller configurations were tested to
quantify the effect of rotation direction. The propellers were driven by
two Lehner 2260/40 electric motors, controlled by a dedicated control
program developed in-house, and the rotational speed was registered
by means of an optical rotary encoder. The time-averaged rotational
speed could be controlled with an accuracy of 0.01 Hz, with maximum
fluctuations around the setpoint up to 0.1 Hz. For the propeller-off
conditions, which serve as the reference, the propellers were replaced
by nonrotating dummy spinners.
To avoid laminar separation and to facilitate a fair comparison with
the fully turbulent numerical simulations, the boundary layers were
tripped with 2.5-mm-wide transition strips with carborundum particles with an average size of 150 μm on the fuselage, wing, nacelle,
and tail surfaces. On the tail surfaces and wing pressure side, the
strips were applied at 10% of the chord, whereas on the wing suction
side a strip was applied at 5% chord. Transition was verified by means
of a microphone for the considered range of operating conditions.
The model was manufactured with a surface roughness of less than
0.4 μm and surface irregularities (e.g., countersunk holes) were filled
with plasticine.

experimental results for a limited number of cases to obtain the load
distributions on the tailplane and propellers, which provide further
insight into the dominant interaction phenomena.

II.

Experimental Setup
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A. Wind-Tunnel Facility and Model

The experimental campaign was performed at the Low-Turbulence
Tunnel (LTT) at Delft University of Technology, a closed-return lowspeed wind tunnel. The measurements were performed at a freestream velocity of 40.00  0.02 m∕s (Rec  4.54 ⋅ 105 , M  0.12).
At these conditions, the turbulence level is below 0.03% [64]. The
aircraft model was suspended by a three-point support system, shown
in Fig. 1, in an octagonal test section, with dimensions as indicated
in Fig. 2. The wind-tunnel walls are tapered to mitigate blockage
and avoid buoyancy drag from the boundary layer that forms on these
walls. The conceptual aircraft model represents a regional aircraft
with a cruise Mach number between 0.6 and 0.7 for 130 passengers,
comparable to the IRON configuration [55], which is referred
to as the “full-scale aircraft.” This geometry, of which an overview is provided in Table 1 and Fig. 2, was designed based on
Refs. [1,30,37,60]. The wing had zero quarter-chord sweep, a taper
ratio of 0.40, and an aspect ratio of 8.46. This aspect ratio of the model
is relatively low compared with existing and envisioned turboprop
aircraft, with aspect ratios ranging between
 8 and
 14
[1,9,65–69]. The implication is that the downwash gradient of the
aircraft model is relatively high. The encounter between the propeller
and wing wake would initiate at a slightly lower angle of attack if the
aircraft had a more slender wing.
High-lift conditions were simulated by attaching Junkers flaps
to the main wing. The configuration without the flaps installed
is referred to as the “clean configuration.” The nacelles were aligned
with the fuselage centerline and were mounted at 69% of the
horizontal-tail semispan. Both inboard and outboard parts of the
horizontal tail were equipped with elevators with a chord ratio of
25%. The distance between the propeller rotation plane and the leading
edge of the tailplane was selected as 1.2Rp , based on suggestions in

B. Measurement Techniques and Uncertainty
1. Integral Force Measurements

propeller

windtunnel
wall

support
struts

The integral forces on the aircraft model were measured by connecting the supports (Fig. 1) to a six-component external balance that
allows for variation of both angle of attack and sideslip. For the
considered range in aerodynamic forces, the balance readings had an
uncertainty up to 0.02 N, depending on the force component. Two
times these values are included in the error bars of the respective force
measurements. These error bars also include the spread in data of
repeated measurements due to, e.g., aerodynamic hysteresis, variations in operating conditions, or other random errors. The error bars
also include the contributions of the uncertainty in the blade-pitch
angle (determined in Ref. [71]) and the uncertainty of the rotational
speed. Tare measurements were taken to account for the aerodynamic
forces of the support struts using measurements of only the support
struts (with the model removed). An acquisition time of 20 s was
selected to average the measured forces at an acquisition frequency of

transition
strip

turn
table

fairing (not
connected
to balance)

Fig. 1 Experimental setup of the horizontal-tail-mounted propeller
configuration installed in the Low Turbulence Tunnel at Delft University
of Technology.
Table 1

Main dimensions of the aerodynamic surfaces

Dimension

Wing without flap

Flaps

Horizontal tail

Vertical
tail

Area

Sw  0.2163 m2

Airfoil
Root/tip incidence angle
Aspect ratio
Taper ratio
Volume coefficient

DU 96-150
0 deg ∕ − 2 deg
8.46
0.40
——

 0.19
DU 96-150
—/0 deg
6.10
1.00
——

 0.40
NACA 642 A015
0 deg ∕0 deg
2.85
1.00

 0.18
NACA 0015
0 deg ∕0 deg
1.50
0.41

——

——

Control surface area

The vertical tail is defined up to the curved fuselage centerline.

2Sf
Sw

Sht
Sw

 1.14
0.17Sht

Sht lht
Sw c

Svt
Sw

 0.54
0.28Svt

Svt lvt
Sw bw
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Fig. 2

Technical drawing of the aircraft model and wind tunnel test section.

10 Hz. This resulted in converged mean force estimates at all operating conditions considered.
Because the focus of the study is on the aerodynamic phenomena,
and not on the quantification of the absolute aerodynamic coefficients, the experimental data are not corrected for wall effects. To
maintain agreement between the computational fluid dynamics
(CFD) simulations (with simulated wind tunnel walls) and experiment, all presented results are therefore based on uncorrected data.
Classical wall corrections based on lift and drag do not suffice, as is
indicated by the wind-tunnel wall pressures presented in
Supplemental Materials S2. The propellers cause the wall pressure
to vary along the x direction, such that in particular the aircraft
pitching-moment coefficient is expected to be slightly influenced
by the presence of the walls.
2. Propeller Force Measurements

The propeller forces were measured separately by mounting each
electric motor to a six-component strain-gauge load cell, as depicted
in Fig. 3. Despite the thermal insulation layer between the electric
motor and load cell, the internal temperature of the load cell rose
during operation, and it is known that such temperature drifts affect
the output of strain-gauge balances [74,75]. A calibration campaign
of the installed setup was performed to determine linear temperature
compensation coefficients for each force component by using the
average readings of two thermocouples mounted close to the load cell
that registered the temperature during operation. The uncertainty of
the presented propeller force coefficients is the spread in the data of
the repeated measurements. No tare measurements were taken of the
spinner without blades. Instead, the forces on the spinner of the
propeller-off configuration were estimated using the CFD simulations and subtracted from the load cell measurements in order to
shaft

load cell thermal insulation layer

spinner

X

Z
connection block
with two embedded
thermocouples

connection
block

motor
rotary encoder

Fig. 3 Schematic of the electric motor and load cell assembly inside the
nacelle.

quantify the forces on the blades and the change in forces on the
spinner relative to the propeller-off condition.
3. Flowfield Measurements

To illustrate the propeller–airframe interaction for a range of
conditions as well as for validation purposes, the total pressure was
measured by traversing a rake with 74 probes in a plane perpendicular
to the freestream at two propeller diameters behind the propeller
rotation plane. The measurements were taken in a rectangular grid
with resolution of 3 mm in vertical and lateral directions. Maximum
instantaneous swirl angles up to 15 deg have been measured [71] in
the vortex cores for the conditions presented in this paper. For the
internally conical shaped tip of the probes, the associated error of this
skewed flow-angle with respect to the probe is less than 1% [76]. The
pressures were acquired for 5 s of acquisition time by electronic
pressure scanners. The uncertainty of 2 Pa (0.2% of q∞ ) on the
time-averaged values is indicated by the error bars in the graphs of
Sec. III. For the force measurements, the wake rake was not installed
to avoid its upstream effect on the model.

III.

Computational Strategy

A. Computational Setup

The propeller–airframe aerodynamic interactions at a component
level were quantified by numerical simulations. These allow for the
analyses of the load distributions on the propeller and tailplane
surfaces, which could not be measured with the experimental setup.
To this end, a half-model excluding support struts and flaps, shown in
Fig. 4, was simulated by solving the Reynolds-averaged Navier–
Stokes (RANS) equations for compressible flow. The geometry
contained the gaps around the elevators, whereas the gap between
the spinner and nacelle and the gaps associated with the rudder were
sealed for simplicity. The model was placed in a domain with parallel
outer boundaries on which a free-slip boundary condition was specified (as sketched in Fig. 2), to resemble the wind-tunnel walls that are
diverging by approximately 0.5 deg to compensate for buoyancy
effects. On all airframe components a smooth wall with no roughness
was assumed. A pressure inlet boundary condition was placed far
upstream of the model at x∕bw  2.7. The flow direction is enforced
to be normal to this boundary, and the magnitude matches the
conditions of the experiment. The domain size is chosen based on
the gradients dα∕dx and dCps ∕dx. Already at x∕bw  2.0 these
gradients have reached negligible values (see Supplemental
Materials S2), whereas the boundary is placed further upstream.
The total pressure inlet condition ensures that the static pressure
(far) upstream the model is not enforced to match the ambient
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3D p

refined wing
domain

2.3
symmetry condition
pressure
inlet

2.7b

w

refined slipstream
domain

2.7b w

interfaces
pressure
outlet

rotating domain
1.20Rp

slip walls

1.33Rp
p
R
.50

0
a) Computational domain with boundary conditions. b) Detailed view of the rotating domain containing the propeller
Length of domain not to scale with model
Overview of computational domain and boundary conditions.

condition. Far downstream of the model, the average pressure was
specified to be equal to ambient conditions. To simulate either an
inboard-up or outboard-up propeller rotation direction, a symmetry
condition was specified on the symmetry plane of the aircraft. Therefore, only the counter-rotating propeller configurations could be
simulated, in contrary to the experimental setup, which also allowed
for the corotating configuration.
A full-blade approach was selected over lower-order models such
as actuator-disk approaches. In Ref. [77] it is shown that even though
a relatively accurate representation of the flowfield can be obtained
by using an actuator disk model, the propeller load distribution
should be known in advance. Moreover, for an aerodynamic surface
like the tailplane that is submerged in a highly distorted and timedependent flowfield, a time-accurate representation is most suitable
to accurately determine the time-averaged normal force on this
aerodynamic surface, as demonstrated in Ref. [77]. The most accurate representation of the full-blade is therefore deemed required to
achieve the objectives of this paper.
The unstructured volume grid contained tetrahedral elements with
refined grids in the proximity of the model, indicated in Fig. 4. The
propeller was placed in a rotating domain, indicated in Fig. 4b, using
the sliding mesh approach [78] by defining interfaces on each side.
The cyclic symmetric propeller grid was equal to the one used in
Ref. [71], which presents an extensive validation. The cell size
(0.032R3p ) of the domain adjacent to the rotating domain containing
the horizontal tail was based on the same reference. Wall refinements
were applied and an inflation layer of 25 layers with a growth rate of
1.20 was constructed on all no-slip walls. The first-layer thickness on
each component was selected to comply with a y ≤ 1. On the wing
and propeller a mapped surface mesh was constructed. The selected
grid including propeller contained 60.5 million cells, whereas the
grid of the propeller-off condition contained 51.8 million cells. The
reader is referred to Ref. [71] for the discretization error of the grid for
the propeller forces and slipstream quantities. No dedicated grid
refinement study on aircraft level was performed. Instead, the results

0.15

CL

0.10

CD
0.0

−0.5
−5

0.05

Experiment
CFD
0

5

10

B. Validation of Computational Setup

The numerical setup is validated by comparing to the experimental
results. Only the validation of the full aircraft is described in the
current paper. The reader is referred to Ref. [71] for the validation
study of the isolated propeller.
In Fig. 5a the computed integral lift and drag are compared with the
experimental data. At low angles of attack, the primary aspect of
interest is performance, as this is the cruise condition. At high angles
of attack, where the flowfield at the tailplane is highly distorted due to
separated flow from the wing, stability aspects are of interest. In the
linear part of the lift curve (α ≤ 5 deg), the computed lift coefficients
coincide with the experimental curve. The initiation of trailing-edge
separation from α > 5 deg is consistent with observations of the
wall-shear lines visualized using fluorescent oil-flow (provided as
Supplemental Materials S3). These oil-flow images also indicate that

15

0.04

0.00

Angle of attack [deg]
a) Comparison of lift and drag, propeller off. Highlighted
regions of interest indicate the associated focus of the study

Cm = Cm– C m,prop off

1.0

0.5

on the current grid are put in perspective in the validation study
presented in the next section.
ANSYS® Fluent Release 18.1 [78], a commercial, unstructured,
finite-volume, cell-centered solver was used. A second-order upwind
spatial discretization was employed, using a coupled pressure–
velocity scheme. The Spalart–Allmaras turbulence model with the
strain/vorticity-based production equation was applied to close the
system of equations. The inlet eddy–viscosity ratio of 0.21044 was
based on recommendations by Spalart and Rumsey [79]. Standard
sea-level atmospheric conditions were used for the freestream flow,
which was assumed an ideal gas. Sutherland’s law was applied to
predict the corresponding dynamic viscosity. The simulations without propeller were solved using the steady RANS equations, whereas
the full-blade simulations were solved in a time-accurate manner,
with a time step equivalent to 2 deg propeller rotation with 35 inner
iterations, using a second-order temporal discretization. As the comparisons between propeller-on and propeller-off are at low angle of
attack, the difference is not expected to influence the results.

0.20

primary aspect of interest
performance stability

Drag coefficient C D

1.5

Lift coefficient C L

Downloaded by TU DELFT on April 19, 2022 | http://arc.aiaa.org | DOI: 10.2514/1.C036338

Fig. 4

Experiment
CFD

0.00

wing
fuselage
propellers

–0.04

tailplane

–0.08
total

–0.12
–5

0

5

Angle of attack

10

15

[deg]

b) Comparison of the change in pitching moment for the
inboard-up rotation direction

Fig. 5 Comparison of aircraft performance data from CFD and experiment.
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at α  10 deg a large region of the wing–fuselage junction experienced reversed flow, in line with the local reduction lift between
y∕bw < 0.4, shown in the lift distributions provided as Supplemental
Materials S4. The lift is overpredicted by 6% by CFD at α  14 deg,
attributed to the complex flow structures at the wing–fuselage junction and the sensitivity of the CFD solution to the choice of turbulence
model. The results at these conditions will therefore be used to
explain the aerodynamic interactions instead of quantifying changes
in performance. The drag curve shows that there is a clear offset of
approximately 50 drag counts with the experimental data, partially
caused by the added drag of the aerodynamic interaction of the
supports with the model [80] (which remains after subtracting the
tares), the use of a relatively thick transition strip in the experiment
that was not modeled in the simulations, and the finite roughness of
the wind-tunnel model (contrary to the assumed hydraulically
smooth wall in the CFD simulations).
Because the quantification of the stability derivatives is an important aspect of the current paper, the computed change in the pitchingmoment coefficient due to the propeller installation is compared with
the experimental data in Fig. 5b. The breakdown of the CFD results
reveals that the propellers have negligible effect on the fuselage and
wing forces. The propellers are a stabilizing contribution, whereas the
tailplane contribution to stability reduces due to propeller installation. The gradient over the interval α  0; 5 deg from the CFD is
ΔCm;α  −3.24 ⋅ 10−3 deg−1 , whereas in the experiment the gradient is ΔCm;α  −3.17  0.03 ⋅ 10−3 deg−1 . These values indicate
that the change in stability is captured with sufficient agreement to
formulate qualitative and quantitative conclusions based on these
simulations.
The change in axial force relative to the drag of the isolated
airframe, ΔCX  CX;prop−on − CX;prop−off , is a quantitative measure
of the propeller–airframe aerodynamic interaction and it is not
dependent on the underprediction of CDmin . Table 2 shows that the
predicted change of CX nearly falls within the experimental uncertainty, especially at α  0 deg. These values indicate that the CFD
model is suitable to quantify the effect of the propeller installation on
overall aircraft performance.
Simulations of the flow phenomena of the propeller–airframe
interaction are validated by comparing the total-pressure field at the

Table 2

ΔCX;CFD
ΔCX;exp

same location as the measured flowfield. The magnitude of the total
pressure represents viscous losses and the added momentum by the
propeller, whereas the shape of the total-pressure field is determined
by the in-plane induced velocity field and therefore encompasses the
aerodynamic interaction. Figure 6 compares the measured totalpressure fields with time-averaged full-blade CFD results. Only for
the corotating case experimental data are available, while only the
inboard-up and outboard-up cases are simulated. The simulated outboard-up case is therefore mirrored in the xz plane for comparison
purposes. It is noted that the aerodynamic coupling between the port
side and starboard side and the small crossflow at the vertical tailplane, discussed in Sec. V.C, are absent in the CFD data. Qualitatively, all flow features observable in the experimental data are also
present in the CFD results: the tip vortex from the horizontal tail, the
shear of the nacelle wakes, the distinct shapes of the fuselage and
wing wakes, the shear of the slipstream, the nonaxisymmetric loading
of the propeller, and the interaction of the propeller tip vortex with
tailplane tip vortex. The cropped contours on the upper side of the
slipstream are an artifact of low measurement resolution in the upper
region of the survey plane.
Survey lines b–d show that the location of the wing wake is
excellently predicted by the CFD simulations on the inboard side,
with an only slight underprediction of the downwash on the outboard
sections. This indicates that the combination of local downwash
produced by the wing and tailplane is properly captured. The wake
thickness in the CFD simulations is slightly underpredicted, in line
with the lower CDmin value from the simulations. The nacelle wake
(survey line a) shows excellent agreement with experimental results,
indicating that the complex interaction between the propeller hub
vortex and the viscous nacelle wake is properly captured. The largest
deviations appear at the edge of the slipstream, where the experimental flowfield shows a larger contraction and a larger gradient,
also reflected by the translation of the wing wake in survey line a. It is
known that the large gradients in these shear layers quickly diffuse
downstream of the propeller in the numerical simulation (see, e.g.,
Ref. [77]), despite the fine grid in the slipstream domain. It is
concluded that the observed agreement with experiment is sufficient
to predict both the integral forces and flowfields and their associated
trends that are caused by the propeller–airframe interaction.

Change in axial force on the airframe and propeller from the CFD simulations
relative to the experimental results
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Measured and computed time-averaged total-pressure distribution in a wake survey plane. Clean configuration, J  1.8, α  0 deg.
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The airframe-induced flowfield at the propeller disk is determined
by the wing circulation and wake, the upstream effect of the tailplane,
and the flowfield induced by the fuselage. As a result of this nonuniform inflow, the installation leads to a shift and to a change in slope of
the characteristic propeller curves relative to the ones of the propeller in
isolated conditions. For the assessment of the airframe-induced propeller forces, a distinction is made between the types of flowfield at the
propeller plane. Stability and performance aspects are relevant for
cruise conditions, i.e., the linear region of the lift curve, for which
the flowfield can primarily be described as potential flow. For the
nonlinear region, where the characteristic flowfield at the propeller is
also determined by flow separation, in particular aspects that influence
the overall airplane stability are of interest. Both conditions are
described separately below.
1. Cruise Conditions: Linear Part of Lift Curve

In cruise conditions, the aircraft angle of attack is typically
between 0 and 3 deg. In addition to this geometric angle of attack,
the propellers operate in the wing-induced downwash field and a
fuselage-induced sidewash. The downwash affects the region on the
disk with the up- and down-going blades, whereas the sidewash
affects the region where the blades have a vertical orientation, schematically shown as quadrants I–IV in Fig. 7a. The difference in
loading between each quadrant pair (I&III and II&IV) leads to a side
force and a normal force, with the direction determined by the
propeller rotation direction, as sketched in Fig. 7b. Because of the
unsteady aerodynamics, there is a difference between the phase angle
at which the disturbance is encountered and the phase angle at which
the change in torque occurs [63,71,81]. Consequently, velocity component w introduces a side force, whereas v introduces a normal
force, as depicted in Fig. 7b. The direction of these secondary inplane forces depends on the propeller rotation direction.
The inflow to the propeller was extracted from the numerical data
from the propeller-off simulations. At α  0, the wing downwash
angle varies from ε  1 deg to ε  4 deg over the propeller disk,
schematically shown in Fig. 7a, with the maxima around zp ∕Rp  0.5.
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A. Time-Averaged Propeller Loads Induced by the Airframe

J’

In this section the time-averaged propeller–airframe aerodynamic
interaction is characterized by analyzing the flowfields in the vicinity
of the propeller and tailplane that determine the changes in loads. The
aerodynamic loads on the propeller are analyzed in Sec. IV.A, followed by the analysis of the aerodynamic forces on the tailplane in
Sec. IV.B. The observed trends at a component level are put in
perspective on aircraft level in Secs. V and VI. Although the quantitative results are configuration and geometry specific, trends and flow
phenomena discussed are considered representative of a typical tailmounted propeller aircraft application because of the representative
conditions and aircraft geometry.

The conically shaped aft fuselage induces a sidewash at the propellers,
which varies from jσj  1 deg at zp ∕Rp  −1, to jσj  3 deg
at zp ∕Rp  1.
To relate the propeller load distribution to the nonuniform inflow,
the time-averaged velocity field is expressed as a change in local
advance ratio J 0 consisting of an axial component and tangential
component: J 0  Ja0  Jt0 [71]. Figure 8a depicts the change in local
advance ratio extracted from the CFD simulations of the propeller-off
condition at α  0 deg. The up-going blades and the blades that
move away from the fuselage experience a reduction of the local
advance ratio, and therefore higher thrust and torque, as shown in
Figs. 8b and 8c, respectively. Such a loading distribution is comparable to the one of a propeller at an angle of attack [71,81], but the
distribution is less symmetric for the installed case.
For the installed propeller, the change in out-of-plane velocity was
small compared with the total change in advance ratio (Fig. 8a): on
average ΔJa0  0.02 at α  0 deg. Approximately half of this value
is estimated to be from the presence of the wind-tunnel walls (for which
the data are not corrected), and the remainder is attributed to the
presence of the curved aft-fuselage with the associated pressure field.
The dominant inflow perturbation is in the in-plane direction. At a
nonzero angle of attack, the inflow to the propeller is a superposition of
the geometric inflow and an airframe-induced inflow. The result is that
at α  5 deg (Fig. 9a), the magnitude of ΔJ 0 is significantly reduced
compared with the propeller in isolated conditions (Fig. 9b). The
regions of higher and lower advance ratios shift approximately
90 deg clockwise for the propeller on the port side. This shift leads
to a change in thrust distribution. Relative to α  0 deg, the average
change in Ja is negligible, except for the lower side of the disk on which
the wing wake impinges. The change in axial inflow is negligible
because ΔJa  cos α − 1J∞ is offset by the downwash component
ΔJa  J∞ sin α sin ε. Furthermore, downstream of the wing at the
propeller plane (outside the viscous region), the axial velocity induced
by the wing is negligible. Because the perturbations of the in-plane
and out-of-plane velocity fields are reduced in magnitude and
distributed over the disk for the installed propeller, it follows that the
downwash cannot be considered as a pure angle-of-attack effect;
i.e., αeff;prop ≠ α − ε.

C ' [m−1]
T

Characterization of Aerodynamic Interaction

0

IV.

−0.10

c) Change in torque. Arrows indicate the
direction of the inplane force
Fig. 8 Effect of airframe installation on the propeller loading at J∞ 
1.8 and α  0 deg, relative to an isolated propeller. CFD results of the
clean configuration, β  0 deg.
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z

propeller. The gradients of the normal-force curve, CNp;α , are lowered
by −27 and −17% compared with the isolated propeller for the
outboard-up and inboard-up propeller, respectively. This reduction
is a consequence of the propeller experiencing a downwash gradient
dε∕dα from the wing and fuselage that increases with angle of attack
from on average 0.15 at α  0 deg to 0.25 at α  5 deg. These
values indicate that by taking the average downwash gradient, the
propeller normal force can be predicted with reasonable accuracy,
even though the maximum value of this gradient shifts upward (in
negative Z direction) with angle of attack. The difference between the
two rotation directions is primarily caused by the increasing sidewash
with angle of attack, which makes CZp more positive for the outboardup rotating propeller, hence reducing CZp;α for this rotation direction.
The offset at α  0 deg is larger for the outboard-up rotating propeller as the airframe-induced sidewash positively contributes to CZp
for this rotation direction.
The axial velocity field is responsible for a negligible difference in
propeller efficiency at α  0 deg, as shown in Fig. 10c. For the
isolated propeller, the propeller efficiency slightly increases with
increasing the angle of attack due to the lower axial inflow and the
in-plane velocity component. In line with the moderate increase in
thrust due to the lower effective advance ratio when installed, the
efficiency is nearly independent of angle of attack for the cruise
condition. For α > 5 deg, the efficiency increases due to the installation as the result of the wake impingement.
In summary, the installation effects of the propeller forces in cruise
condition are not negligible. The largest difference with the uninstalled propeller is a reduced gradient of the propeller normal force
with angle of attack. The observed differences between the two
rotation directions are caused by the translation of the maximum
downwash gradient with angle of attack and by the different response
to the fuselage-induced sidewash.
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2. High-Lift Conditions: Effect of a Flap Deflection

In addition to the fuselage and main wing induced flowfield, a
flap deflection leads to an additional nonuniform inflow to the
propellers. The measured total-pressure field behind the aircraft at
α  0 deg with a 27 deg flap deflection is depicted in Fig. 11a. The
figure shows a strong flap-edge vortex that induces a swirling
inflow on the inboard and lower part of the propeller disk, in
addition to a strong downwash of approximately 16 deg. It is
apparent from the region of increased total pressure that the thrust
distribution is highly affected in this condition in comparison to the
case without a flap deflection, as shown in Fig. 6b. The resulting
effect on the integral propeller forces is depicted in Fig. 11b. With
the flap installed, also dε∕dα increases due to higher induced losses
and a higher lift curve slope. Consequently, the slope of the propeller normal-force curve with angle of attack reduces approximately 50% compared with the clean condition. Moreover, the
larger downwash angle at α  0 deg leads to a significant force
on the propellers in negative Z direction, which affects the trim
condition. The thrust is found to remain nearly independent of flap
deflection.
0.83

0.05

Inboard-up
Outboard-up
Iso. propeller

p

0.27

Inplane forces CYp and CZp

For the isolated propeller, the thrust increases with angle of attack,
as shown in Fig. 10a. Approximately half of this increase is caused by
the reduced axial inflow, determined by evaluating the propeller at
J  J ∞ cos α. The other half comes from the in-plane velocity
component because T C varies quadratically with J and the thrust rise
on the advancing blade is larger than the reduction in thrust on the
retreating blade [71].
The installation effect on the integral propeller forces is shown in
Fig. 10. The combined in-plane and out-of-plane flowfield causes
only a slight reduction in CT at α  0 deg compared with the same
propeller in isolated conditions, depicted in Fig. 10a. As the axial
inflow remains nearly constant and the in-plane velocity component
that appears at increasing angle of attack is compensated by the
downwash, in the installed configuration, CT is less dependent on
α than in the isolated configuration.
The installation also changes the in-plane forces, as shown in
Fig. 10b. The CY p − α curve is shifted, primarily as a result of the
sidewash that leads to a side force toward the fuselage symmetry plane.
The shift is larger for the inboard-up rotating propeller because for that
case the downwash causes an additional side force in the same direction as the one induced by the fuselage. The gradient CY α for the
outboard-up propeller is higher than the one for the isolated propeller
for two reasons. First, the average wing-induced downwash at the
propeller disk increases with angle of attack because the maximum
downwash angle shifts in negative z direction in the propeller plane.
The side force associated with the wing downwash therefore increases
with angle of attack. Second, with increasing angle of attack, the
impinging wing-wake around zp ∕Rp  1 also leads to a side force
that acts in the same direction as the one that is induced by the fuselage
sidewash. The opposite is the case for the inboard-up rotating propeller,
hence its lower slope compared with the isolated propeller.
The propeller normal-force curves for both rotation directions are
shifted up and their slope is reduced compared with the isolated

Thrust coefficient C T
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Fig. 9 Comparison of inflow expressed in local J value at J∞  1.8 and
α  5 deg for the installed and isolated propeller, relative to α  0 deg.
CFD results of the clean configuration, β  0 deg.
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Fig. 10 Computed changes in forces due to installation on the port propeller, J  1.8. CFD results of the clean configuration, β  0 deg.
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The installation effect on the propeller forces up to α  8 deg in
the clean configuration is moderate and is nearly linear with angle of
attack, as shown in Fig. 10. By increasing the angle of attack further
into the nonlinear region of the aircraft lift curve, the propeller thrust
rises rapidly over the complete range of advance ratios, in particular
for the outboard-up rotating propeller, as shown in Fig. 12. This
behavior can be understood by assessing the flowfield at an angle of
attack of α  14 deg, as shown in Fig. 13a. In this condition, the
maximum changes in local advance ratio at the propeller disk are
ΔJ 0  −1.8 and ΔJ 0  0.6 for the outboard-up and inboard-up
configurations, respectively. Based on the performance curves of the
isolated propeller [71], these values indicate that the blades experience either wind milling conditions or separated flow, and the blades
for both rotation directions experience significant time-dependent
inflow. An appreciable part of the reduction in advance ratio, up to
ΔJa0  −0.6, comes from the deficit in total pressure by the separated
flow from the wing root that impinges on part of the propeller disk.
The significant difference in thrust between the rotation directions
is caused by the in-plane velocity components. The regions of
positive and negative axial vorticity in and adjacent to the propeller
plane, shown in Fig. 13b, are indicative of circulation that changes
the inflow encountered by the blades. The cause of the negative

~

3. High-Lift Conditions: Angle-of-Attack Effect

0
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Fig. 12 Installation effect on propeller thrust at increasing angle of
attack. The black dots indicate the measurement points. Experimental
results of the clean configuration, β  0 deg.

component of the axial vorticity ω~ x is the significant drop in wing
lift from the wing–fuselage junction up to 40% span, which sheds a
sheet of trailing vorticity that rolls up into a strong vortex opposite in
sign to the wing-tip vortex, indicated by ΓI in Fig. 13b. From the
isosurfaces of vorticity depicted in the same figure, two more vortices
can be distinguished that are opposite in sign to ΓI . First, a vortex is
formed on each side of the fuselage [82], originating close to the
fuselage nose, denoted by ΓII. Secondly, the root separation leads to a
pressure gradient along the fuselage [83] that results in a vortex
denoted by ΓIII. This pair of corotating vortices rapidly merge into
a single vortex (ΓII  ΓIII ) that is counter-rotating to ΓI and contains
approximately three times the circulation of ΓI . The relative distance
and strength are such that vortex ΓI displaces in vertical direction and
toward the symmetry plane of the aircraft, over a relatively short
distance [84]. The net effect of the vortex pair is a significant in-plane
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B. Time-Averaged Tailplane Loads Induced by the Propeller

The aerodynamic forces on the horizontal tailplane affect the
aircraft trim and stability characteristics. In terms of performance,
in particular the change in drag characteristics and the offset in the
normal-force curve are of interest, as these influence the aircraft drag
in trimmed conditions. From a stability and control perspective,
primarily the gradient of the normal-force curve CNht;α , in this paper
referred to as the effectiveness of the tail, and elevator effectiveness
CNδe are relevant quantities, of which the integral forces and load
distributions are depicted in Fig. 14.
The effect of propeller installation on tailplane forces is quantified
relative to the propeller-off condition. Figure 14a shows the normal
force distribution in the propeller-off condition. It is noted that
normal force should not be mistaken as the lift force (despite lift
being the dominant factor): at a nonzero angle of attack, the tailplane
drag also enhances the force normal to the tailplane. At α  0 deg,
there is a downforce on the tailplane due to the wing downwash. The
presence of the fuselage leads to a drop in cnht near the tail–fuselage
junction, such that a vortex is shed that is opposite in sign to the tip
vortex. The added normal force distributions by the inboard-up and
outboard-up propeller installations, shown in Fig. 14b, are typical for
an aerodynamic surface behind a propeller: the direction of the local
swirl determines the direction of the change in lift force, and the
spanwise variation of circulation redistributes the additional load in
spanwise direction such that the changes are not confined to the
region where the slipstream impinges on the tailplane [86]. For both
rotation directions, the largest change in normal force occurs on the
inboard part of the tailplane. This can directly be related to the
distribution of gradient of tailplane normal force with respect to angle
of attack, cnht;α , of the propeller-off condition. This normal force
gradient reduces toward the tip because of the tip-relief effect. For
the propeller-off case, the average of cnht;α over the outboard part of
the span (2y∕bht > 0.7) is 39% lower than the one for inboard part
of the span (2y∕bht < 0.7). The combination of this varying cnht;α and
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velocity component, equivalent to the large change in J 0 , depending
on rotation direction. In particular the outboard-up rotating propeller
experiences a large reduction in advance ratio, as the propeller
rotation is opposite to the resulting swirling inflow, and is further
reduced by the deficit in total pressure.
Next to the rise in thrust, the vortex-induced inflow also leads to a
large normal force that is in negative Z direction for the outboard-up
rotating propeller, whereas it is in opposite direction for the inboardup rotation direction. The location where the swirling inflow
impinges the propeller depends on angle of attack and angle of
sideslip. Additionally, the magnitude of this swirl is dependent on
the aircraft attitude. The propeller contribution to overall aircraft
stability and trim therefore varies with angle of attack if such a
swirling inflow impinges on the propeller or is in the vicinity of the
propeller disk. It is found that CNp;α increases up to three times the
value that corresponds to the one at α  0 deg for the outboard-up
rotating propeller, and reduces up to CNp;α  0 for the inboardup rotating propeller, as indicated in the figures provided as
Supplemental Materials S5.
An improved fairing design compared with one of the models
analyzed in the current paper would reduce the flow separation at the
wing–fuselage junction and therefore the relative strengths of the
separation-induced vortices. However, the qualitative development
of the flow reversal is still representative, since it has been identified
in previous studies [82,85] and occurs to some extent at any wing–
root junction.
In summary, the separated flow from the wing–fuselage junction,
present at high angle of attack for the configuration considered
herein, significantly influences the propeller forces. The swirling
character of this flowfield in particular leads to an increase in thrust
and propeller normal force for the outboard-up rotating propeller and
thus a stabilizing contribution at aircraft level, whereas the inboardup rotating propeller has approximately no stabilizing contribution at
aircraft level in these conditions.

Normal force CN

424

Inboard-up
Outboard-up
Prop-off

−0.05
−0.10
−0.15
0

2

4

Angle of attack

6

[deg]

8

1.5
1.0
0.5

Inboard-up
Outboard-up

0.0
0.0 0.2 0.4 0.6 0.8 1.0

Spanwise coordinate 2y/b ht

c) Integral tailplane normal force d) Tailplane effectiveness
The error-bars indicate the sprea
due to the time-dependent loading
Fig. 14 Effect of propeller installation on the tailplane load distributions
and integral forces, J  1.8. Coefficients normalized with tailplane area
and chord. CFD results of the clean configuration, β  0 deg.

the higher dynamic pressure in the slipstream leads to a net normal
force on the tailplane with the direction depending on rotation
direction, shown in Fig. 14c. Besides the offset at α  0 deg, the
gradient CN ht;α relative to the propeller-off condition is 17% higher
for the outboard-up configuration, whereas the inboard-up rotation
shows a 7% reduction. The difference between the two rotation
directions is a combination of the downwash distribution, which is
a function of the vorticity shed by the tailplane and the varying inflow
with angle of attack. Figure 14d reveals that the tailplane sections
toward the root are especially affected by the propeller installation, as
locally cnht;α is twice the value of the propeller-off condition, even
though this is outside of the region on which the propeller slipstream
impinges.
The hyperbolic character of cnht;α for the outboard-up rotation
indicates that the vortex stemming from the tailplane–fuselage junction is manipulated by the propeller. A schematic of the tailplane
vortex system is shown in Fig. 15a. The vortex shed from the tailplane–fuselage junction is indicated as ΓI and its direction is opposite
to the tip vortex, denoted by ΓIII. The gradient of the circulation along
the span also sheds a vortex ΓII at the nacelle. These vortices can also
be distinguished in the axial vorticity distribution downstream of
the model, shown in Fig. 15b. With the installation of the propeller,
two vortex systems can be identified: a helical vortex system from
the propeller and the shed vorticity from the tailplane. Conceptually,
the combined propeller–tailplane vortex system can be simplified as
schematically shown in Fig. 15a: a tailplane root-vortex ΓA , a
vortex around the tip vortex impingement ΓB , a vortex shed at
the propeller rotation axis ΓC , the tailplane tip vortex ΓD , the
propeller hub-vortex, and the circular sheet containing the vorticity
shed by the propeller tips. In addition to the local swirl induced by the
propellers, the relative strength and direction of this vorticity dictate
the local downwash distribution and the rate at which these change
with angle of attack partially determines cnht;α y.
For the outboard-up rotation, dΓA ∕dα is opposite to dΓI ∕dα and
dΓC ∕dα is opposite to dΓII ∕dα. The net result is that on the inboard
part of the tailplane, the outboard-up rotation leads to a smaller
downwash. The opposite is the case for the inboard-up rotation
direction. The consequence is that, for the outboard-up case, the root
vortex shed from the tail is nearly inexistent if the angle of attack is
increased from 0 to 5 deg. At the tip of the tailplane, the axial
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Fig. 15 Propeller–tailplane vortex structures at low angle of attack to identify the relative strength and the direction of the trailing vorticity from the
tailplane due to propeller installation. CFD results of the clean configuration, β  0 deg.
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whereas for the inboard-up rotation it is the inverse. Compared with
an increase of dynamic pressure by Δqs  0.1q∞, the angle of
attack change of 1 deg is the primary factor to change the lift of a
two-dimensional airfoil section. It follows that the rate at which the
slipstream changes on the inboard part of the tailplane yields a trend
opposite to the one observed in Fig. 14d: for the outboard-up rotating
propellers the swirl and dynamic pressure increase, which reduces
CNα . Therefore, the observed trends of CNα are attributed to the
interaction of the propeller vortex system with the tailplane and not
to the changing slipstream characteristics with angle of attack.
The drag force on the tailplane is influenced by the propellers,
depicted in Fig. 17. The friction drag increases due to the higher
dynamic pressure in the slipstream. The induced drag changes as the
added force vector is titled relative to the freestream because of the
swirl in the slipstream and due to the altered variation of circulation
along the tailplane span. A swirl that locally enhances the normal
force that exists in the propeller-off condition locally leads to a larger
swirl-recovery by the tailplane [86]. Therefore at α  0 deg, there is
a reduction of tailplane drag on the side of the downgoing blades as
the tailplane in propeller-off condition produces a force in positive z
direction, as shown in Fig. 14a. At α > 0 deg, the drag reduction

component of the propeller tip vortex is opposite in sign to the tip
vortex of the tailplane for the inboard-up rotating propeller (contrary
to a propeller that is mounted on the tip of the horizontal tailplane).
The net effect is locally a higher induced loss, hence a lower cnht;α in
the tip region, confirmed by the distribution depicted in Fig. 14d. It is
therefore concluded that the particular position of the propeller
relative to the root and tip vortex of the tailplane is such that the
typical trend of a higher CLα for an inboard-up rotating propeller (see
Ref. [41]) does not hold.
To determine to what extent the changing slipstream quantities
with angle of attack influence the observed changes of CNht;α in
Fig. 14d, the time-averaged flowfield is analyzed in a plane between
the propeller and tailplane, depicted in Fig. 16. The regions with a
higher propeller loading locally lead to a higher total pressure, a
higher dynamic pressure, and a larger swirl angle in the slipstream.
The figure shows the slipstream quantities along a survey line on the
inboard part of the tailplane. By increasing α  0 deg to α  5 deg,
ΔCpt changes with 0.1 and a maximum change in swirl angle of
1 deg is observed due to the higher thrust and torque, respectively.
The local swirl angle alters the local inflow angle α 0 . Therefore, an
outboard-up rotation results in dCpt ∕dα > 0 and dα 0 ∕dα < 0,

Z/R
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Fig. 16 Time-averaged flowfield between the propeller and horizontal tail for two angles of attack at TC  0.18 and J  1.8. CFD results of the clean
configuration, β  0 deg.
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In the previous section the propeller–airframe aerodynamic interaction was discussed at a component level. Those findings are put
into perspective in this section by assessing the impact on the aircraft
pitching and yawing-moment coefficients.
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Fig. 17 Effect of propeller installation on the tailplane drag, J  1.8.
Coefficients normalized with tailplane area and chord. CFD results of the
clean configuration, β  0 deg.

becomes less for the outboard-up rotating propeller. For this reason,
depending on the combination of the sign of CNht and propeller
rotation direction, the drag is higher or lower relative to propelleroff condition, as depicted in Fig. 17b. For a trimmed flight, where
typically CNht < 0, an outboard-up rotating configuration leads to the
lowest tailplane drag. Consequently, for a corotating configuration,
the difference in tailplane drag leads to a yawing moment.
In summary, the particular location of the propeller on the tailplane
leads to the manipulation of the vortex from the tailplane–fuselage
junction that causes the tailplane to be more effective if the propeller
is rotating outboard-up at angles of attack that are representative for
the cruise condition. An inboard-up rotating propeller leads to a lower
effectiveness of the tailplane relative to the propeller-off case.

The derivative of the propeller normal force with angle of attack
(Fig. 10b) enhances the aircraft longitudinal stability because the
propellers are behind the aircraft center of gravity, whereas the
contribution of the change in tailplane loading due to the propeller
depends on the rotation direction and aircraft angle of attack. The
resultant effect on pitching-moment curve is depicted in Fig. 18a for
the clean configuration with corotating propellers. For the full range
of angles of attack, the propeller installation has a relatively small
effect on pitching moment compared with the propeller-off condition. At the thrust setting that is representative for approach conditions (J  2.3, T C  0.03), the neutral point shifts rearward relative
to the propeller-off condition with Δx∕c
  −0.05 at low angles of
  0.00 at α  7 deg. At higher thrust settings,
attack, up to Δx∕c
the rearward shift is larger. As the most forward location of the neutral
point is at low angle of attack in the clean configuration, which is
therefore the most critical of all flight conditions in terms of stability,
the overall stability is not adversely affected, which is in line with the
findings of Ref. [87]. In Supplemental Materials S6 the curves at
constant advance ratio are plotted for the clean configuration and for
two high-lift conditions.
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Installation Effect on Static Stability and Control
Characteristics
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d) Change in pitching moment with lift coefficient
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 Experimental results, β  0 deg. Limited number of error bars
Fig. 18 Effect of the propeller installation on the aircraft pitching moment about 0.25c.
are plotted to improve readability.
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C. Directional Stability and Trim

The directional stability and trim are influenced by the propeller
installation in three ways. First, the propellers introduce a yawing
moment due to their distance from the moment reference point.
Second, the airframe induces a nonuniform inflow to the propeller,
which affects the propeller forces and thus their contribution to the
moments. Finally, the (sheared) propeller slipstream introduces sidewash on the aft-fuselage and vertical tailplane [45,50,88]. An overview of these installation effects on aircraft level is depicted in
Fig. 20. Figure 20a shows the gradient of the yawing moment with
sideslip angle, relative to the propeller-off configuration. The same
figure also depicts the yawing moment caused if a propeller in
isolated conditions is positioned at the same (x, y, y) location
as the installed propellers, using data of Ref. [71]. Nearly independent of thrust coefficient, the propeller installation enhances the
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In the previous section, it was shown that the circulation on the
tailplane in propeller-off condition partially determines how the
loading is affected if the propeller is installed. Alternatively to altering the angle of attack, an elevator deflection also affects the tailplane
circulation distribution. The effect of the propeller installation for a
positive elevator deflection is depicted in Fig. 19, using 0.25c as the
moment reference point. For a given angle of attack, the elevator
effectiveness Cmδe increases with T C due to the rise of dynamic
pressure in the slipstream, as shown in Fig. 19a. At constant J (and
approximately constant T C ), Cmδe is nearly independent of angle of
attack for the corotating configuration. The trends observed in
Fig. 14c for the inboard-up and outboard-up configurations are in
line with the lower and higher normal force gradients of the tailplane,
respectively.
The necessary trim input to compensate for the offset and change in
slope of the aircraft Cm curve due to the propeller installation is
partially offset by the higher elevator effectiveness. In Fig. 19c it is
shown that for a relatively high thrust setting, the required trim input
as a result of propeller installation remains within 2 deg compared
with the propeller-off condition. A lower thrust setting leads to
smaller required trim inputs. Therefore, a thrust input at a constant
CL and V ∞ needs to be coupled with an elevator input to maintain the
same pitching moment.

e

e
e

1.2

B. Longitudinal Control and Trim

e,prop-off [deg]

0.010

direction at the same lift coefficient, as shown in Fig. 18d for the
corotating configuration. These shifts in Cm indicate that a trim
scheduling is required to maintain a constant lift coefficient that
should be a function of thrust coefficient and flap setting. On the
other hand, the significant nose-down pitching moment from the
flaps (Fig. 18a) is partially offset by the propeller installation. It
follows that a smaller elevator deflection is required to trim the
aircraft. The figure also shows that the overall installation effect of
two corotating propellers on the pitching moment is an offset and a
nearly constant change in slope up to the nonlinear region of the lift
curve, where the slope changes rapidly and remains approximately
constant again for the higher angles of attack.

−

1.4

e

prop off

The relative longitudinal stability, Cmα ∕Cmα ;prop−off , is shown in
Fig. 18b for the inboard-up configuration. It varies between 1.0 and
1.4, whereas smaller variations of 1.0–1.25 are induced by the outboard-up configuration. The contour plot shows that for a given α,
increasing T C only leads to a moderate change in pitch stability,
contrary to a change in α, which has a significant impact on longitudinal stability. The large variations of Cmα start from the onset of the
nonlinearity of the lift curve, i.e., α > 5 deg.
To determine the relative contribution of the airframe and propeller
to the pitching moment, the measured propeller forces are subtracted
from the external balance measurements and the contributions to
pitching moment are plotted in Fig. 18c. As expected from the CNp
curves discussed in Sec. IV.A, the propeller has a stabilizing contribution, in particular if it is rotating outboard-up. In line with the
propeller in isolated conditions, the normal force contribution to the
aircraft moment is nearly independent of thrust. The Cmp curves are
approximately linear up to α  8 deg, followed by a decrease and
increase for the inboard-up and outboard-up rotating propellers,
respectively, as a result of their nonuniform inflow, as discussed in
Sec. IV.A. Of the propeller-induced pitching moment, the largest
contribution is the propeller normal force (shown in the breakdown of
each propeller force and moment component in Supplemental
Materials S7). Despite a varying thrust with angle of attack, the thrust
yields approximately a constant offset of Cm − α, as its moment arm
is relatively small. The pitching moment about the propeller Y axis
has a negligible contribution.
In Sec. IV.B it was shown that the inboard-up and outboard-up
rotation decrease and increase the normal force gradient of the tailplane, respectively. This is reflected in Fig. 18c as a destabilizing
airframe contribution to the moment coefficient up to α  8 deg for
the inboard-up rotation, whereas the contrary is the case for the
outboard-up rotating configuration. The corotating propeller installation is nearly the average of the two rotation directions, which
indicates that the aerodynamic coupling between the two sides of the
horizontal tailplane is negligible. The rapid change of the airframe
contribution to Cmα at α  8 deg, in particular with the inboard-up
configuration, is a consequence of two aspects. Firstly, the rapid
reduction in Cmp for the inboard-up propeller indicates that the
loading on the upgoing blade is increased because of the loss in wing
lift at these spanwise locations, and therefore a lower gradient of the
wing downwash is generated. The consequence is locally a higher
swirl and dynamic pressure at the inboard part of the tailplane,
leading to a stabilizing normal force, and hence a more negative
Cmα . The second aspect is that the fuselage-induced vortex in streamwise direction (ΓII in Fig. 13b), which initiates between α  5 deg
and α  8 deg, is altered by the propeller installation. Around
α  8 deg, these two vortices are situated slightly above the tailplane, near the junction with the fuselage. The inboard-up rotating
propeller leads to an opposite vortex at the tailplane–fuselage junction, which is thereby reducing the influence of ΓII on the tailplane.
Besides the changes in the slope of the moment curve, also the
propeller-induced shift of the curve is relevant as it influences the trim
condition. As discussed in Sec. IV.A.2, a flap deflection results in a
nose-up moment due to the larger propeller normal force in Z

Cm /Cm
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Fig. 19 Effect of propeller installation on elevator effectiveness. Gradients determined over δe  0 deg and δe  15 deg. Experimental results of the
clean configuration, β  0 deg.
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Fig. 20 Effect of propeller installation on directional stability and yawing moment. Experimental results of the clean configuration, α  0 deg.

directional stability by approximately 6–12%, where the corotating
configuration can be approximated by the side force of two isolated
propellers. This nearly constant increase is the result of the small
variation of the propeller side force with thrust at a given angle of
attack. Therefore, also the derivative is nearly independent of propeller thrust.
The corotating configuration shows a similar increase in aircraft
Cnβ , as the ΔCnβ is caused by two isolated propellers with a moment
arm of xp . This indicates that the direct propulsive effect, i.e., a
propeller at an axial distance to the reference point, is the primary
contributor to Cnβ . Although this direct effect is dominant, there is a
distinct difference between the two propeller rotation directions. The
difference between the curves is the installation effect, partially
coming from the changes in forces on the airframe, and partially
due to the different forces acting on the propeller. The latter is
attributed to a fuselage-induced nonuniform inflow to the propeller,
schematically shown in Fig. 21. The fuselage induces an in-plane
flowfield such that the regions (a) and (b) translate in opposite
direction to the side force on the vertical tail Fyvt , whereas (c) and
(d), as a pair, translate in the same direction as Fyvt . The consequence
is an enhanced and reduced Cnβ for an outboard-up and inboard-up
configuration, respectively.
Besides the forces on the propeller, the presence of a slipstream on
each side of the vertical tail also influences the contribution of the
vertical tail to the yawing moment. There is a sidewash at the vertical
tail for the corotating configuration, also observed in, e.g., Ref. [89].
This flowfield results in an offset of the Cn − β curve as a function of
thrust, equivalent to a sideslip angle of approximately 2 deg for
T C  0.28, as shown in Fig. 20b. Without the vertical tail, the
yawing-moment coefficient is zero at β  0 deg, indicating that
the propeller-induced sidewash primarily affects the vertical tail.
Moreover, the difference in drag on each side of the horizontal
tailplane and the lateral shift of the thrust vector due to the propellers
operating in the wing downwash field are therefore compensating,
higher T, Q
lower T, Q

translation direction of thrust
b)
Fy,vt
a)
n

Vsin
inboard-up: reducing Cn
d)
c) Fy,vt
n
Vsin
outboard-up: increasing Cn
Fig. 21 Lateral shift of thrust vector induced by the fuselage. Letters
indicate the pairs of higher and lower propeller thrust and torque.

leading to a net zero effect on yawing moment. Figure 20b also
indicates that the installation of the vertical tail partially offsets the
increased directional stability stemming from the propellers. This
reduction is attributed to the position of the vertical tail between two
slipstreams. The dynamic pressure and the effective inflow at the
vertical tail are both reduced with an increasing thrust setting, which
leads to a reduction of Cnβvt of 2.5% compared with zero thrust.
For the one-engine-inoperative condition, the yawing moment
introduced by the operating propeller needs to be compensated by
a rudder deflection. Figure 20c depicts the yawing moment as the
result of the port propeller not operating, as well as the moment that is
introduced as thrust multiplied with the moment arm, n  −Typ . As
expected, the sidewash on the vertical tail introduced by the outboardup rotating propeller is opposing the thrust-induced yawing moment.
If the outboard-up propeller is inoperative, the sidewash adds to
the yawing moment and a larger rudder input is required to trim
the aircraft at zero sideslip angle. Hence, the outboard-up propeller is
the critical engine.

VI.

Installation Effect on Aircraft Performance
Indicators

The previous sections have indicated that the propeller installation
effects do not adversely affect the aircraft longitudinal and directional
stability, and control effectiveness. If the interaction effects are
included in the analysis and design at aircraft level, the known
drawback of the configuration in terms of added mass [6,56,90]
may be slightly offset by the opportunity of resized stabilizing
surfaces. However, even for a suboptimal design, indicators such as
propeller efficiency in the direction of flight, the airframe lift-to-drag
ratio, trim drag, and maximum lift coefficient are already indicative of
performance changes due to the propeller installation.
The product ηp CL ∕CD  can be used as a measure of the fuel
consumption [91], as it appears in the classical Brequet-range equation, if ηp is assumed not to change with the aircraft attitude. To show
the importance of including the interaction in performance prediction, the propeller and airframe efficiencies are assessed separately.
The propeller efficiency map, i.e., ηp − α, is depicted in Fig. 22a for
the two rotation directions. As expected, the efficiency along the
propeller rotation axis slightly increases with angle of attack, with a
maximum for the inboard-up rotating case around J  1.9, close to
the advance ratio at which the isolated propeller has its maximal
efficiency. Approximately the same trend is followed by the outboard-up rotating propeller. However, the reduction of ηp at
α  8 deg, corresponding to the condition with swirling inflow, is
only present for the inboard-up rotating propeller, because it operates
locally at a higher effective advance ratio. The efficiency of the
outboard-up rotating propeller continues to increase up to values
close to unity. These high efficiencies are possible because ηp is
defined with V ∞ , while there is kinetic energy deposition induced by
the airframe at the propeller plane.
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b) Efficiency in -direction,

A more interesting quantity from an aircraft performance perspective is the propeller efficiency in the direction of flight, ηx , as it
directly affects the fuel consumption for a given flight condition.
Typically, for an isolated propeller, ηx decreases with angle of attack
because the normal force has a negative contribution in flight direction that completely offsets the higher efficiency due to the reduced
axial inflow. To the contrary, for the installed propeller, ηx increases
from α  0 up to α  5 deg, as plotted in Fig. 22b. This increase is
caused by the reduced propeller normal force that is minimal at a
positive angle of attack due to the propeller operating in the winginduced flowfield. The second peak around α  14 deg for the
outboard-up rotating propeller is in line with the trend of ηp . This
means that the outboard-up configuration has a larger range of angle
of attack at which ηx is close to the maximum. Therefore, it has the
potential of better climb performance from a propulsive efficiency
point of view than the inboard-up configuration.
The high-lift condition is important for several design considerations, e.g., the design of wing and high lift devices. A decomposition
of the airframe and propeller contributions in these conditions is
depicted in Fig. 23. The propeller contribution to lift is approximately
linear with α and is the dominating contribution to ΔCL . The strong
wing-induced downwash field causes CLp to be negative for low to
moderate angles of attack. If the propellers were to be mounted to the
leading edge of a wing, a larger propeller lift component could be
expected due to the wing upwash. The figure also shows that the
change in airframe lift does not vary significantly with angle of
attack. This is due to the compensating normal force on each side
of the tailplane and nacelle (see Fig. 14c). The nonlinear part in the
airframe ΔCL for α > 6 deg is the consequence of the added lift on
the tailplane on the inboard-up rotating side, as discussed in Sec. V.A.
The propeller and airframe in these conditions combined lead to only
a moderate increase in CLmax by up to 0.05, and this is nearly
independent of propeller thrust, contrary to a wing-mounted propeller configuration.

Several previous studies [1,30] concluded that the trim drag associated with the large center of gravity excursion is a major drawback
for aircraft with tailplane-mounted propellers. The trim drag for
elevator deflections determined in Sec. V.B at cruise/climb conditions is plotted in Fig. 24. The thrust-induced pitching moment for the
outboard-up rotating configuration is partially offset by the additional
downforce on the horizontal tailplane. This leads to nearly the same
trim-drag curve as the propeller-off condition. In contrast, the
inboard-up rotation leads to a larger nose-down pitching moment,
which needs to be compensated by trim for all lift coefficients. It is
noted that the considered moment reference point is rather forward,
leading to relatively large values of CDtrim . The corotating configuration is not the average between the two rotation directions as in
particular the magnitude of ΔCNht varies with angle of attack, and
therefore the required elevator deflection for trim.
The installation of the propellers also affects the integral airframe
lift and drag, and propeller lift, leading to a net change in the lift-todrag ratio. Whereas for a wing-mounted tractor configuration the
propellers enhance L∕D and maximum lift [42,86,90,92], for the tailmounted propeller configuration this not evident. Firstly, the tailplane-mounted propeller operates in the wing downwash field, which
reduces the lift contribution of the propeller. Secondly, the tailplane
with a low lift coefficient does not necessarily feature reduced drag by
the propeller installation. Figure 25 depicts the product of the
installed lift-to-drag ratio curves with the propeller efficiency in flight
direction. Besides the added lift, the airframe drag slightly reduced
for α ≤ 2 deg, due to the swirl recovery by the tailplane (at α  0 and
J  1.8 the drag is reduced by 20 drag counts). However, the
maximum airframe lift-to-drag ratio for the corotating configuration
remains approximately the same as in the propeller-off condition. If
the lift of the propeller is included in the aircraft lift coefficient, the
total lift-to-drag ratio is slightly higher at higher angles of attack. At
these conditions, both the thrust vector and normal force enhance lift.
These results show that the propeller–airframe interaction causes an
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Fig. 22 Installation effect on propeller efficiencies ηp and ηx . Experimental results of the clean configuration, β  0 deg.
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Fig. 23 Change in propeller and airframe lift in installed conditions for
the corotating configuration with a flap deflection of δf  27 deg.
Experimental results, β  0 deg.
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Fig. 25 Propeller installation effect on ηCL ∕CD  for the untrimmed
corotating configuration at J  1.8. Experimental results of the clean
configuration, β  0 deg.

appreciable deviation of 2% relative to the performance curve in
which the propeller and airframe are treated in isolated conditions.
It is noted that for this particular aircraft the maximum lift-to-drag
ratio is at a high value (CL  0.9), and the magnitude is relatively low
because of the suboptimal design of the aircraft. As the benefit
discussed in this section in particular is present at higher angles of
attack, the benefit would be smaller if the maximum airframe efficiency would be at a lower CL, e.g., by selecting a different wing
incidence angle. The current study displays that even for a suboptimal
design, the beneficial propeller–airframe aerodynamic interaction
could partially offset the drawbacks identified for the configuration
[1,30,90]. These benefits are present despite the fact that an aerodynamic performance benefit historically has not been the objective to
study the configuration.

VII.

Conclusions

A combined experimental and numerical investigation has been
performed using a representative aircraft geometry to characterize the
aerodynamic interaction between horizontal tailplane-mounted propellers and the airframe. The rotation direction of the propellers was
altered for a range of operating conditions, including variations of
angles of attack and sideslip, flap deflection, and elevator deflection.
By analyzing the time-averaged propeller–airframe aerodynamic
interactions, the changes in aircraft static stability, control, and
performance due to the rear-mounted propellers were quantified.
The dominant factor affecting the aircraft pitching moment is the
propeller normal force. While the propeller slipstream changes the lift
force produced by the horizontal tailplane, this has a much smaller
effect on the change in pitching moment. Compared with the normal
force of the propeller in isolated conditions, the airframe-induced
nonuniform flowfield alters the normal-force curve by a lower gradient and an offset zero angle of attack. This inflow field is primarily
induced by the wing as downwash. The propeller normal force
gradient is reduced by 17% for the inboard-up and 27% for the
outboard-up rotating propeller compared with the isolated propeller.
The dependency on rotation direction is primarily caused by the
normal force as a consequence of the sidewash toward the symmetry
plane that increases with angle of attack. At high angles of attack, the
fuselage and separated flow at the wing–fuselage junction cause a
significant reduction in effective advance ratio for the outboard-up
rotating propeller, leading to a rapid increase in thrust and a large
nose-down pitching moment. The propeller normal force gradient in
these conditions is three times higher than for an isolated propeller.
The propeller contribution to lift is approximately linear with angle of
attack and is the dominating contribution to the aircraft lift caused by
propeller installation.
The measured flowfield and computed loading distributions show
that the outboard-up installation leads to a circulation distribution
along the tailplane such that the tailplane-root vortex reduces in
strength with angle of attack. This leads to a more effective tailplane
for the outboard-up rotating propeller, whereas an inboard-up rotating propeller reduces the tailplane normal force gradient. The neutral

point shifts aft with increasing thrust coefficient, up to 5% of the
mean aerodynamic chord for a thrust coefficient of T C  0.28 with
corotating propellers. The most forward location of the neutral point
is achieved at cruise angles of attack. Only at high angle of attack for
which the interaction is dominated by the separated flow from the
wing, the change in neutral point becomes negligible for a corotating
propeller installation. Therefore, the overall static stability is not
adversely affected by the propellers and the propeller-off condition
is the critical configuration.
The propeller installation enhances the directional stability by
approximately 6–12%, independently of thrust coefficient, where
the corotating configuration can be approximated by the side force
of two isolated propellers multiplied with their moment arm. The
difference between the two rotation directions in case the propellers
are located above the fuselage centerline is due a lateral translation of
the thrust vector, caused the by the fuselage induced flowfield. In the
corotating configuration, a net yawing moment exists that is equivalent to a sideslip angle of 2 deg. This is caused by the thrustdependent sidewash of the slipstream on the upper side of the
horizontal tailplane that initiates from the leading edge of the horizontal tailplane. This sidewash also makes the outboard-up rotating
propeller the critical engine for the one-engine-inoperative condition.
It is found that the overall propeller installation requires a positive
or negative elevator deflection up to 2 deg in cruise conditions,
depending on rotation, to maintain the same moment coefficient as
in the propeller-off condition. This rather small input is the result of
the thrust-induced nose-down pitching moment, which is largely
compensated by the downwash-induced propeller normal force.
The outboard-up configuration requires a negligible elevator input,
due to the nearly opposite normal force on each side of the tailplane,
leading to nearly the same trim-drag curve as the propeller-off condition. In contrast, the inboard-up rotation leads to a larger nose-down
pitching moment, which needs to be compensated by trim for all lift
coefficients.
The lower propeller normal force at positive angles of attack leads
to a higher propeller efficiency in freestream direction compared with
an isolated propeller, with a maximum around an angle of attack of
5 deg. The propeller efficiency is further enhanced at high angles of
attack for the outboard-up rotating propeller as the wing- and
fuselage-induced flowfields lead to a net reduction in the advance
ratio for this rotation direction. This makes the propeller efficiency in
flight direction multiplied with the lift-to-drag ratio up to 2% higher
compared with the situation in which the interaction is not included.
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