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SUMMARY

Hermoplastic composites enable new manufacturing techniques such as conduction
T welding to make the aviation industry more sustainable, while at the same time, provide
great benefits to cost-efficient high-volume production. One of the benefits of welding is
that it reduces the amount of mechanical fasteners required. Fastener-free joining also
poses new challenges, because the performance of these highly loaded structural joints
relies heavily on the performance of the thermoplastic polymer matrix. Furthermore, there
is currently not much understanding of the mechanisms involved in thermoplastic welded
joint failure, and the numerical and experimental methodologies, originally developed and
validated on thermoset composites, have not yet been fully assessed for thermoplastic
composites. On top of that, the process conditions to manufacture these new structures
may have a significant influence on the mechanical performance of the material and can
thus play an important role in the design of thermoplastic composite structures.

The objective of this research is to analyse matrix dominated failure of thermoplastic
composites and conduction welded joints and to develop both experimental and numerical
methodologies to support the design of thermoplastic composites structures. The research
addresses important linkages between the three main pillars of Manufacturing, Experimental
and Numerical analysis.

First, the ability of continuum damage models to accurately predict matrix failure and
ply splitting is investigated, as these failure modes are considered important for welded
joints. Two methodologies are implemented in a new continuum damage model based on
different stress-strain measures. The first approach is based on small-strain increments,
while the second approach account for large deformation kinematics. The methodology
is evaluated by numerical benchmarks at three different levels: (1) single element; (2)
unidirectional single ply open-hole specimen and (3) open-hole composite laminate coupon.
It is demonstrated that the methodology to account for large deformation kinematics in
the constitutive model is of high importance, especially when predicting matrix splitting
failure modes. The methodology improves the general Virtual Testing capabilities for both
thermoset and thermoplastic composites and provides the baseline for the high-fidelity
analyses on the welded joints.

The new manufacturing processes and fastener-free assembly techniques employed
for thermoplastic composites make the performance of the structure more reliant on
the interlaminar behavior, while limited experimental data is available. Therefore, the
interlaminar properties of autoclave consolidated AS4D/PEKK-FC thermoplastic composite
are characterized and analyzed by means of Mode I, Il and Mixed Mode I/II at 50:50 tests,
while considering fiber bridging and R-curve effects. The test configurations are adjusted to
account for the large fracture process zone ahead of the crack tip in order to achieve stable
crack propagation and an appropriate data reduction method is selected. The experimental
data is reduced using an inverse methodology combined with a new procedure to define the
cohesive laws in tabular format directly into commercial finite element software based on
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only the load-displacement curves. The shape of the cohesive laws provided new insights
into the influence of fiber bridging interlaminar behavior and fractographic analysis of the
interlaminar damage mechanisms confirmed a strong influence of fiber bridging combined
with significant plastic deformation on the fracture surface.

After autoclave consolidation, the laminates are ready for conduction welding. With the
availability of the mixed-mode interlaminar properties and the continuum damage model,
the strength and failure behavior of the welded joints can be studied both numerically
and experimentally. Therefore, a conduction welded single lap shear joint is designed,
manufactured and tested. Two distinct modelling approaches are proposed for the analysis.
First, a simplified model which only accounts for damage at the welded interface. Secondly, a
high-fidelity ply-by-ply approach which accounts for the physical failure mechanisms at the
lamina level. The high-fidelity modelling methodology is able to predict the experimental
failure mode of the investigated welded joints with high accuracy demonstrating that
the joint strength is highly influenced by the failure mechanisms not only of the welded
interface but also of the surrounding plies. However, the autoclave interlaminar properties
were not sufficient to predict the strength of the joints, and it was predicted that the most
likely source of this mismatch is the change in the local material properties due to the
welding process.

In order to address this, a methodology is developed to characterize and analyse ther-
moplastic composite conduction welded joints, while accounting for the influence of the
manufacturing process. Test specimens are designed from welds of a half a meter long
welding tool. Special attention is paid to the weldability of the laminates, as typical unidi-
rectional characterization specimens are difficult to weld. Furthermore, a 0-degree interface
is used to ensures that fracture only occurs at the welded interface. Characterization tests
are performed by means of Double Cantilever Beam and End-Notched Flexure tests on two
different specimen configurations using different welding recipes. The full weld width spec-
imens provided insight in the manufacturing quality of the weld, however, the specimen
cut from the center of the weld are the most representative to characterize the material
property of the joint. The influence of the manufacturing process showed a significant
influence on the Single Lap-Shear joints due to changes in weld size. This change in weld
size is related to experimental results from tensile and during three-point-bending tests.
Finally, the characterized material properties are used in numerical analyses to evaluate
the use of the cohesive zone modeling approach to predict the strength of these welded
joint.

In this research, the matrix dominated failure of thermoplastic composites and con-
duction welded joints have been studied in great details and several experimental and
numerical methodologies were developed to support the design of thermoplastic compos-
ites structures. The methodologies provide new insights into the relation between the
manufacturing process, the mechanical properties of thermoplastic composites and the
quality and failure behavior of conduction welded joints.
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Hermoplast composieten maken nieuwe productietechnieken mogelijk, zoals conduc-
T tielassen, om de luchtvaartindustrie duurzamer te maken en bieden tegelijkertijd grote
voordelen voor kostenefficiénte productie in grote volumes. Een van de voordelen van
lassen is dat er minder mechanische bevestigingsmiddelen nodig zijn. Verbindingen zon-
der bevestigingsmiddelen geven ook nieuwe uitdagingen, omdat de prestaties van deze
zwaarbelaste structurele verbindingen sterk afhankelijk zijn van de prestaties van de poly-
meermatrix. Bovendien is momenteel de kennis met betrekking tot de faalmechanismen
van thermoplastische lasverbindingen beperkt. De numerieke en experimentele methodo-
logieén, oorspronkelijk ontwikkeld en gevalideerd op thermohardende composieten, zijn
tevens nog niet volledig onderzocht voor thermoplast composieten. Bovendien kunnen
de procesomstandigheden om deze nieuwe constructies te vervaardigen een aanzienlijke
invloed hebben op de mechanische prestaties van het materiaal en kunnen ze dus een
belangrijke rol spelen bij het ontwerp van thermoplast composietconstructies.

Het doel van dit onderzoek is het analyseren van matrixgedomineerd falen van ther-
moplast composieten en conductielassen en het ontwikkelen van zowel experimentele als
numerieke methodologieén ter ondersteuning van het ontwerpproces van thermoplast
composietconstructies. Het onderzoek richt zich op belangrijke verbanden tussen de drie
belangrijkste pijlers van Productie, Experimentele en Numerieke analyses.

Ten eerste wordt het vermogen van continuiim-schademodellen onderzocht om ma-
trixbezwijken en het splijten van lagen nauwkeurig te kunnen voorspellen, aangezien
deze bezwijkvorm als belangrijk wordt beschouwd voor lasverbindingen. Twee aanpakken
zijn geimplementeerd in een nieuw continuiim schademodel. De eerste benadering is
gebaseerd op incrementele kleine verhogingen van de rek, terwijl de tweede benadering
rekening houdt met grote vervormingskinematica. De methodologie wordt geévalueerd
door numerieke benchmarks op drie verschillende niveaus: (1) enkelvoudig element; (2)
unidirectionele enkele-laags proefstuk met gat en (3) composiet laminaat proefstuk met
gat. Er is aangetoond dat de methodologie om rekening te houden met grote vervormings-
kinematica in het constitutieve model van groot belang is, vooral bij het voorspellen van
faalwijzen voor matrixbezwijken en splijten. De methodologie verbetert de algemene
virtuele testmogelijkheden voor zowel thermohardende als thermoplastische composieten
en vormt de basis voor de gedetailleerde analyses op de gelaste verbindingen.

De nieuwe productietechnieken zonder bevestigingsmiddelen die worden gebruikt voor
thermoplastische composieten, maken de prestaties van de constructie meer afthankelijk
van het interlaminaire gedrag, terwijl experimentele data beperkt beschikbaar is. Daarom
worden de interlaminaire eigenschappen van autoclaaf geconsolideerd AS4D/PEKK-FC
thermoplast composiet gekarakteriseerd en geanalyseerd door middel van Mode I, I en
Mixed Mode I/II (50:50) testen, rekening houdend met fiber-bridging en R-curve-effecten.
De testconfiguraties zijn gemodificeerd om rekening te houden met de grote schadezone
voor de scheurtip om een stabiele scheurgroei te bereiken. Ook wordt er een geschikte
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datareductiemethode geselecteerd. De experimentele data wordt gereduceerd met behulp
van een inverse aanpak in combinatie met een nieuwe procedure om de cohesiewetten in
tabelvorm rechtstreeks in commerciéle eindige-elementensoftware te definiéren op basis
van alleen de belasting-verplaatsingscurven. De vorm van de cohesiewetten verschafte
nieuwe inzichten in de invloed van het interlaminaire gedrag en fractografische analyse
van de interlaminaire schademechanismen bevestigde een sterke invloed van fiber-bridging
in combinatie met significante plastische deformatie op het breukoppervlak.

Na consolidatie in de autoclaaf zijn de laminaten klaar voor conductielassen. Gebruik-
makend van de mixed-mode interlaminaire eigenschappen en het continuiim-schademodel,
kunnen de sterkte en het faalgedrag van de lasverbindingen zowel numeriek als expe-
rimenteel worden bestudeerd. Daarom wordt een door conductie gelaste enkelvoudige
afschuifverbinding ontworpen, vervaardigd en getest. Voor de analyse worden twee ver-
schillende modelleringsbenaderingen voorgesteld. Ten eerste een vereenvoudigd model
dat alleen rekening houdt met schade aan de gelaste interface. Ten tweede een detail
laag-voor-laag benadering die de fysieke faalmechanismen op lamina-niveau verklaart.
De high-fidelity modelleringsmethodiek is in staat om de experimentele faalwijze van de
onderzochte lasverbindingen met hoge nauwkeurigheid te voorspellen, wat aantoont dat
de verbindingssterkte sterk wordt beinvloed door de faalmechanismen, niet alleen van de
gelaste interface maar ook van de omliggende lagen. De interlaminaire eigenschappen van
de autoclaaf zijn echter niet voldoende om de sterkte van de verbindingen te voorspellen
en er is voorspeld dat de meest waarschijnlijke oorzaak van deze mismatch de verandering
in de lokale materiaaleigenschappen als gevolg van het lasproces is.

Om dit aan te pakken, is een methodologie ontwikkeld om thermoplast composiet
conductie lasverbindingen te karakteriseren en te analyseren, rekening houdend met de
invloed van het fabricageproces. Proefstukken zijn ontworpen uit lassen van een halve
meter lang lasgereedschap. Er wordt speciale aandacht besteed aan de lasbaarheid van de
laminaten, aangezien typische unidirectionele karakteriseringsproefstukken moeilijk te
lassen zijn. Bovendien wordt een 0-graden vezelrichting op de las gebruikt om ervoor te
zorgen dat breuk alleen optreedt in de las. Karakterisatietesten zijn uitgevoerd door middel
van Double Cantilever Beam en End-Notched Flexure tests op twee verschillende proef-
stukconfiguraties met verschillende lasrecepten. De proefstukken met volledige lasbreedte
gaven inzicht in de kwaliteit van de las, maar de proefstukken welke uit het midden van de
las zijn gesneden, bleken het meest representatief om de materiaaleigenschappen van de
verbinding te karakteriseren. De invloed van het fabricageproces heeft een significante
invloed op de Single Lap-Shear-verbindingen als gevolg van veranderingen in de lasgrootte.
Deze verandering in lasgrootte is gerelateerd aan experimentele resultaten van trek- en
driepuntsbuigtesten. Ten slotte worden de gekarakteriseerde materiaaleigenschappen
gebruikt in numerieke analyses om het gebruik van de cohesieve-zone-modelleringsaanpak
te evalueren en de sterkte van deze lasverbindingen te voorspellen.

In dit onderzoek is het matrixgedomineerde bezwijken van thermoplast composieten
en conductielasverbindingen tot in detail bestudeerd en zijn er verschillende experimentele
en numerieke methodologieén ontwikkeld om het ontwerpproces van thermoplastische
composietstructuren te ondersteunen. De methodieken geven nieuwe inzichten in de
relatie tussen het fabricageproces, de kwaliteit, de mechanische eigenschappen van ther-
moplastische composieten en het faalgedrag van conductiegelaste verbindingen.



INTRODUCTION

s Europe plunges into handling the recent climate and energy crisis, the EU has

begun to roll-out several programs with the goal to enhance sustainability, reduce
fuel consumption and CO, emissions. This pushes the aviation sector to move towards
more sustainable and affordable aircraft structures. It is therefore inevitable that changes
have to be made in the way aircraft structures are designed and manufactured and one of
the materials that can facilitate this transition is thermoplastic composite. Thermoplastic
composites offer, among many other benefits, improved mechanical properties compared
to thermoset composites, ‘unlimited’ shell life and also recyclability. Furthermore, new
manufacturing techniques such as out-of-autoclave consolidation, co-consolidation and
thermoplastic welding may greatly benefit high-volume cost-efficient manufacturing, while
at the same time provide a more sustainable solution. This in combination with the recent
growth in advanced modelling techniques and available computational power, may enable
the aerospace industry to take full advantage of this transition to enhance sustainability
and mitigate their carbon footprint.

1.1 THERMOPLASTIC FUSELAGE FOR NEXT GENERATION

AIRCRAFT

As part of the EU’s Clean Sky 2 initiative, the Multi-Functional Fuselage Demonstrator
(MFFD) gives an impression of what the next-generation fuselage could be. With its 8.5
meter long thermoplastic composite fuselage section that is 4 meter in diameter, it is the
largest known thermoplastic structure ever made in the world. This new design aims to
challenges how aircraft are manufactured in order to not only improve the structure, but
also greatly reduce manufacturing costs, while at the same time making the aerospace
industry more sustainable. The research presented in this thesis is part of the technol-
ogy development in the Clean Sky 2 STUNNING project (SmarT mUIti-fuNctioNal and
INtegrated thermoplastic fuselaGe) that develops, manufactures and delivers the full scale
multi-functional integrated thermoplastic fuselage shell, including cabin and cargo floor
structure and main interior and system elements. Advanced multi-disciplinary design,
manufacturing, and simulation methods are applied to improve cost, quality, robustness
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and performance of the thermoplastic components. A significant weight reduction result-
ing from this integrated approach is foreseen. The consortium consists of Fokker/GKN
Aerospace, Delft University of Technology, National Aerospace Laboratory NLR and Diehl.
The Multi-Functional Fuselage Demonstrator which is being assembled at SAM|XL in the
Netherlands is shown in Figure 1.1. There are many different manufacturing techniques

I Smart multifunctional j
‘tr fuselage demonstrator .
STUNNING i L

@ &
= D samn Fupeie o

STUNNING

5
TUDelft (e
G - v - .
SAM/XL > /g - S e e © TSorTEsTORNN
P -y o S 5 I - FUSELAGE DEMONSTR)

Figure 1.1: Multi-Functional Fuselage Demonstrator at SAM-XL the Netherlands.

available for thermoplastic composites structures [1], which are also considered for the
STUNNING project. Two main categories of manufacturing techniques can be identified
based on the area to be heated, that is to say bulk and local heating. The former group,
which includes autoclave-, oven- and press-consolidation, involves applying heat to melt
the entire part while maintaining pressure throughout the full process. Consequently, this
manufacturing approach requires long processing times (1 to 2 hours), which can be brought
down for smaller parts by applying out-of-autoclave techniques such as press-forming,
press-consolidation and compression molding. The second group, generally applied as an
assembly [2] or forming technique, is characterised by local heating and pressure. The
consequence is that short processing times, in the order of seconds to minutes, can be
achieved. The most established welding techniques [3] for continuous fibre reinforced
thermoplastic composites are resistance [4], induction [5, 6] and ultrasonic welding [7].
Thermoplastic welding is applied to manufacture and assemble the MFFD to reduce both
weight and costs by reducing the amount of mechanical fasteners required. On the MFFD
it is aimed to weld over 2000 different locations. Examples of welded joint locations are
shown in Figure 1.2 and consist of connections of the omega stiffeners to the skin, the
frame-skin joints, assembly of the floor structures and attachments of the floor assembly
to the frame/skin. The primary welding technology that is used is the new conduction
welding technology.
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Figure 1.2: Conduction welding of the Multi-Functional Fuselage Demonstrator structure.

1.2 CONDUCTION WELDING OF THERMOPLASTIC COMPOS-
ITES

Conduction welding [8-10] is based on heating the surface of the thermoplastic composite
part through an induction heated stamp with integrated heatsink as shown in Figure 1.3a.
Pressure is applied by the tooling and is reacted by the anvil. This process generates a weld
bath by means of heat conduction through the thickness and joins the two laminates at
the welded interface. Conduction welding follows the same principle of applying heat and
pressure as autoclave consolidation, but at a much shorter time span. The typical process
cycle as shown in Figure 1.3b consists of a heat-up, consolidation and cooldown phase.
The benefit of the conduction welding technique is that it does not require addition of
welding specific materials such as energy directors or conductive strips. Furthermore, the
technique is more suitable and scalable for welding of large parts and allows for absorbing
of manufacturing tolerances like gaps and the process is independent of the length of the
welding tool.

The MFFD floor assembly as shown in Figure 1.2 is welded by means of the welding
setup presented in Figure 1.4. The setup consists of an (1) end-effector with the welding
head, consisting of stamp and heatsink, and anvil, 2) generator to create the magnetic
induction field as heating source, 3) chiller to cool the system, 4) pressure control system
and 5) a robot system to position the end-effector. In this thesis, the setup presented in
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Figure 1.3: Conduction welding principle: a) Schematic; b) Typical manufacturing process cycle [11].
Figure 1.4 is used for the short welds of the single lap-shear specimens of Chapter 4 [12].

The work presented in Chapter 5 makes use of a similar setup, but by using a larger 0.5
meter welding tool [11].

Figure 1.4: MFFD floor assembly welding setup: 1) End-effector; 2) Generator; 3) Chiller; 4) Pressure control
system; 5) Robot system.

One of the main advantages of thermoplastic welding is that the amount of mechanical
fasteners required are reduced. However, this also comes with new challenges as the
strength of these highly loaded joints relies on the performance of the thermoplastic matrix.
In comparison to autoclave consolidation, the material properties of the weld may be
locally influenced by the welding manufacturing process. This makes it difficult to predict
the strength of the welded joints without the availability of material data, experimental
characterization techniques and advanced predictive tools. One of the advanced numerical
methods to predict the strength of composites is Virtual Testing.
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1.3 VIRTUAL TESTING OF COMPOSITE MATERIALS

The Virtual Testing methodology applies a systematic strategy to predict the mechanical
behaviour of composites up to failure using both numerical and experimental approaches
in parallel [13]. This approach takes into account the physical material failure mechanisms,
so the influence of each contributing failure modes on the performance of the part can be
taken into account rigorously. The approach follows a bottom-up approach so that changes
in material properties and failure behavior at the lower end of the testing pyramid can be
easily adapted to provide new predictions at the structural level.

At the lower end of the testing pyramid as shown in Figure 1.5, numerical analyses take
into account the physical failure mechanisms at the lamina level through a high-fidelity
modelling approach. Higher up the testing pyramid, at the structural element, detail and
(sub)component level, a more computationally efficient methods needs to be applied. At
this level the emphasis is at global structural behaviour and failure of specific critical
joints such as the skin-stiffener interface. This makes it important to understand both the
mechanical properties and failure behavior of these joints. Therefore, use is made of a
virtual building block approach to ensure the validity of the methodology at each scale
[14, 15].

Building-block approach acc. to MIL-HDBK-17-1F (2002)

Figure 1.5: Virtual building block approach for thermoplastic composites [15].

The work in this thesis contributes to the development of both experimental and
analysis methods for thermoplastic composites and conduction welded joints. Therefore,
the focus of the research is on the lower levels of the testing pyramid that consists of
characterization, coupon and joint testing and analyses. The new developments presented
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in this thesis allow for the extension of the Virtual Testing methodology, which has been
originally developed and validated on thermoset composites, for thermoplastic composites.
The numerical framework that is in development [15] at Fokker/GKN Aerospace is imple-
mented in a Virtual Coupon Testing lab [16-19] in the commercial finite element software
package Abaqus and takes into account the physical mechanisms of damage at lamina
level. The methodology relies on a ply-by-ply modelling approach that consists of mesh
structuring, a cohesive-frictional penalty-based contact surface and advanced crack-band
erosion techniques coupled with a sophisticated three-dimensional continuum damage
model to accurately capture the appropriate failure modes. The approach is able to predict
the progressive failure mechanisms with high accuracy with respect to the results obtained
experimentally for plain, open-hole, low-velocity impact and compression-after-impact
tests as shown in Figure 1.6 for thermoset composites [14]. Although many advances have
been made for these numerical models, their application to thermoplastic composites and
welded composite joints is rather limited. Especially predicting the matrix dominated
failure modes of these welded joints may still pose a number of difficulties.

Figure 1.6: Virtual Coupon Testing, numerical versus experimental failure modes [14].

1.4 RESEARCH OBJECTIVES AND SCOPE

The objective of this research is to analyse matrix dominated failure of thermoplastic
composites and conduction welded joints and to develop both experimental and numer-
ical methodologies to support the design of thermoplastic composites structures. The
research addresses important linkages between the three main pillars of Manufacturing,
Experimental and Numerical analysis and special attention is paid to the influence of the
manufacturing process on the mechanical behavior by evaluating both the autoclave and
conduction welding manufacturing process. The relation of the individual chapters and
their contribution to the research objective and scope is discussed next and shown in the
schematic of Figure 1.7.
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1.5 DISSERTATION OUTLINE AND RESEARCH APPROACH
This thesis consists of four inter-linked chapters that contribute to addressing the overall
research objective and scope. The chapters are directly reproduced from the scientific
journal papers. Therefore, the readers can study the self-contained chapters independently.
A result of this is that some essential information is repeated in each chapter. Another
consequence is that the literature is reviewed in each chapter individually.

The chapter order is as follows:

Chapter 2 The importance of accounting for large deformation in continuum damage
models in predicting matrix failure of composites

Chapter 3 Characterization and analysis of the interlaminar behavior of thermoplastic
composites considering fiber bridging and R-curve effects

Chapter 4 Experimental and numerical evaluation of conduction welded thermoplastic
composite joints

Chapter 5 Methodology for characterization and analysis of conduction welded thermo-
plastic composite joints while considering the influence of manufacturing

The schematic of Figure 1.7 provides an overview of the three main pillars of Man-
ufacturing, Experimental and Numerical analysis and how each chapter contributes to
the research objective and scope. The schematic shows how the methodologies of the
individual pillars contribute towards design of thermoplastic composite structures (vertical
flow), but at the same time it also provides insights into how each pillar is inter-linked
(horizontal flow). This is briefly explained next.

Thermoplastic composites & conduction welded joints

Manufacturing Experimental Numerical
Autoclave Conduction Material Performenace Simplified High-fidelity
consolidation welding characterization testing analysis analysis
3 4 3 4 4 2
. . . Interlaminar Interlaminar analysis
Welding recipe design properties methodology

PE—C

Specimen dESign Fracture mechanisms Continuum damage
model
Influence X .
Failure behavior Virtual Testing
manufacturlng

800

Manufacturln Manufacturing Characterization Validiation Analysis Verification
process wmdow quality & NDI methodolo approach
4 2

= =

Design of thermoplastic composite structures

Figure 1.7: Schematic overview of the inter-linked chapters in relation to the research objectives and scope.
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In Chapter 2 a Continuum Damage Model (CDM) is developed which solves issues in
the current state-of-art CDM’s to predict matrix failure and ply splitting. This methodology
improves the general Virtual Testing capabilities for both thermoset and thermoplastic
composites and provides the baseline for the high-fidelity analyses in Chapter 4.

Due to the new fastener-free structural concepts and manufacturing techniques em-
ployed for thermoplastic composite structures, the performance of the thermoplastic poly-
mer interface becomes more and more important. In Chapter 3 the interlaminar behavior of
autoclave consolidated thermoplastic composite material is characterized to provide input
for the numerical analysis of Chapter 4. Special attention is paid to the validity of the testing
methods and the more pronounced fiber bridging and R-curve effects of thermoplastic
composites. Furthermore, the failure behavior and fracture mechanisms are studied in fine
detail for comparison with the conduction welded joints in Chapter 5.

Chapter 4 consists of an experimental and numerical evaluation of conduction welded
single lap shear joints. Both a simplified and high-fidelity analysis methodology is de-
veloped for welded joints and implemented in a framework for Virtual Testing. Both the
experiments and analyses provide insights in the complex failure of the welded joints,
but the interlaminar properties from the autoclave manufacturing process as measured in
Chapter 3 could not be directly related to strength of the joints. This work defined the need
for a new methodology to determine the material properties of conduction welded joint in
Chapter 5 as it was found that the influence of manufacturing may play an important role.

The characterization of the welded joint material properties, as presented in Chapter
5, requires the design of specific specimens to account for the weldability of the coupons.
The influence of the manufacturing process window in relation to the quality and perfor-
mance of the welded joints is investigated through the design of different welding recipes.
This window defines the relation of applied heat and pressure with the time during the
manufacturing process. Characterization of the welded joints confirmed the findings in
Chapter 4 of the locally increased material properties which were also confirmed by changes
in the fracture mechanisms in comparison to Chapter 3. Furthermore, the interlaminar
analysis methodologies presented in Chapter 3 provides new insights into the validity of
the numerical analysis methodology and performance of the thermoplastic conduction
welded joints for different manufacturing process conditions.

Finally, a broader perspective of the complete work is given in Chapter 6 where the
conclusions and recommendations are provided.
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THE IMPORTANCE OF
ACCOUNTING FOR LARGE
DEFORMATION IN CONTINUUM
DAMAGE MODELS IN PREDICTING
MATRIX FAILURE OF COMPOSITES

The work presented in this chapter investigates the ability of continuum damage models
to accurately predict matrix failure and ply splitting. Two continuum damage model ap-
proaches are implemented that use different stress-strain measures. The first approach is
based on small-strain increments and the Cauchy stress, while the second approach account
for large deformation kinematics through the use of the Green-Lagrange strain and the 2"
Piola-Kirchhoff stress. The investigation consists of numerical benchmarks at three different
levels: (1) single element; (2) unidirectional single ply open-hole specimen and (3) open-hole
composite laminate coupon. Finally, the numerically predicted failure modes are compared to
experimental failure modes at the coupon level. It is shown that it is important to account for
large deformation kinematics in the constitutive model, especially when predicting matrix
splitting failure modes. It is also shown that continuum damage models that do not account
for large deformation kinematics can easily be adapted to ensure that the damage modes and
failure strength are predicted accurately.

This chapter is based on [2) B. H. A. H. Tijs, C. G. Davila, A. Turon, and C. Bisagni. The importance of accounting
for large deformation in continuum damage models in predicting matrix failure of composites. Composites Part A:
Applied Science and Manufacturing, 164:107263, 1 2023.
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2.1 INTRODUCTION

The aviation sector is moving towards more sustainable and affordable aircraft structures,
which requires changes to be made in the way aircraft structures are designed and manu-
factured. An example is the development of a thermoplastic composite fuselage [9, 15] that
makes use of new joining techniques such as thermoplastic welding. Although these new
manufacturing techniques reduce the amount of mechanical fasteners required, they also
make the strength of the structure more reliant on the matrix-dominated failure behavior
of the thermoplastic material [12, 21]. With the recent advancements in the ability to accu-
rately predict composite failure modes, there is now the opportunity to develop predictive
tools to evaluate the strength and failure behavior of these new structural concepts and
fastener-free joints. However, accurately predicting matrix dominated failure, in particular
ply splitting cracks, still poses a number of difficulties.

Simulating the failure mechanisms in composites using finite element analysis [22-27]
is generally done through modelling cracks using either discrete or smeared approaches
[28]. Examples of discrete approaches include the extended finite element method (X-FEM)
[29], the discrete cohesive crack approach [30], and the floating-node method [31]. These
methods are capable to predict both the intra- and interlaminar damage mechanics with
high accuracy, but generally at a high computational cost.

Maimi et al. [32] showed that cracks can also be represented in a more diffused manner
by using a continuum damage mechanics (CDM) approach. In this case, crack propagation
is represented by a softening law. Although softening results in a diffused crack unlike the
real physical phenomenon at the micro-scale of the material, CDM provides an appealing
framework to simulate the failure mechanisms at the meso-scale, as demonstrated by Lopes
et al. [19] for various composite coupon tests in a virtual testing lab environment [16, 18].

From experimental observations of matrix-dominated damage in unnotched [33] and
notched composite specimens [34-39], it is apparent that ply splits, and their interaction
with delaminations [37] play an important role in the failure mechanics of composite
materials. To address these difficulties, Lopes et al. [19] extended the CDM formulation of
Maimi et al. [32] to three dimensions and combined it with several key modelling aspects
to allow the appropriate kinematic simulation of composites. These key modelling aspects
include (1) ply-by-ply modelling using fiber-aligned meshes and directional biasing; (2)
nonlinear shear and mesh size regularization; and (3) an advanced element deletion scheme
to guarantee solution robustness. Lopes et al. [19] also demonstrated that fiber-aligned
meshes reduce the mesh-induced direction bias that is a source of mesh dependence in
strain localization models. When fiber-aligned meshes are combined with large element
aspect ratios, the mesh can direct matrix cracks to grow along the fiber direction, with
the additional benefit of reducing computational cost [16]. However, it was found that
rather large aspect ratios are required to prevent spurious failure modes and to achieve
fully developed ply splits.

The difficulties of predicting ply splits with CDM models was also investigated by Leone
[40], who developed a CDM methodology to represent the kinematics of matrix cracks in
a deformable bulk material in accordance with the deformation gradient decomposition
(DGD) methodology [40]. Leone [40] showed that CDM models, that do not account
for large deformation kinematics, trigger spurious failure modes which make it difficult
to predict ply splits. The DGD methodology, which does account for large deformation
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kinematics, is able to overcome this issue. Unfortunately, the use of these advanced CDM
models may also come at a cost, as they generally rely on several internal convergence loops,
for example to (1) search for the correct through-thickness crack angle; (2) solve nonlinear
shear equations; or (3) achieve convergence in equilibrium between crack and bulk material
displacements. Furthermore, predicting the final failure modes at the coupon level when
many elements are nearly fully damaged requires special attention to the robustness of the
continuum damage model to prevent unintended termination of the analysis, as addressed
by Lopes et al. [19].

Composites may also exhibit significant nonlinear behavior, especially in matrix-
dominated loading conditions. The nonlinear response may result from a number of
geometrical and material related mechanisms. This includes plasticity in the matrix, fiber/-
matrix debonding, damage accumulation and reorientation of the fibers [41]. Lafarie-Frenot
and Touchard [42] compared the in-plane shear behavior of thermoset versus thermoplastic
composites and showed significant loss in shear stiffness and a nonlinear response for
both materials. The thermoset composites reached shear strain values of approximately
5%, while the thermoplastic matrix showed a much more pronounce plastic behavior and
failed at nearly 15% shear strain. The small degree of polymer deformation and the more
brittle behavior of thermoset composites compared to thermoplastic composites can also
be observed during interlaminar tests [43]. This is further confirmed by recent SEM micro-
graphs of mode II interlaminar tests on thermoplastic composites presented by Tijs et al.
[21], which feature significant polymer drawing out and extensive plastic deformation in
the plane of the delamination.

The aim of this study is to investigate the influence of the different methodologies
used in two recent continuum damage models [19, 40] to accurately predict ply splitting,
and to propose an efficient methodology to improve CDM models for this specific failure
mode. This focus is chosen to improve the methodology for future use in thermoplastic
composites and conduction welded joints, as this material will experience much larger
deformations within the matrix-dominated failure modes. As part of the investigation, a
dedicated CDM model was developed to investigate different approaches while keeping the
implementation based on a simple and efficient two-dimensional (2D) failure criteria. The
investigation consists of numerical benchmarks at three different levels. The implication of
using the different approaches are highlighted at each level and the results are compared to
experimental data. In the next section, the CDM models used herein are briefly described,
followed by the analysis and discussion of the CDM models at three different levels: (1)
single element; (2) unidirectional (UD) single ply open-hole specimen; and (3) open-hole
composite laminate coupon.
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2.2 CDM MODELS

In this section, the different CDM models that are evaluated in this work are described. The
first model, CDM3D [16, 19], was developed in collaboration between IMDEA Materials
Institute and Fokker/GKN Aerospace. The second model, NASA CompDam, is based on
DGD [44]. The response of these models is compared to two CDM models specifically
designed for this study. The models include approaches from both the CMD3D and the
CompDam models to study (1) the influence of using small strain increments (CDM-SS)
and (2) accounting for large deformation (CDM-LD) kinematics. All other aspects of the
CDM implementation are the same to ensure that the general response of the CDM models
remain identical. A summary of the different models and their naming is defined as follows:

« CDM3D: 3D Continuum Damage Model [16, 19]

o CompDam: NASA CompDam DGD [44]

« CDM-SS: CDM approach based on Small Strain increments

« CDM-LD: CDM approach accounting for Large Deformation kinematics
CDM3D and CDM-SS are approaches that work well in situations where local deformations
are not large, but they do not account for large deformation kinematics, while CompDam
and CDM-LD are developed for geometrically nonlinear analysis. In addition to the afore-
mentioned models, the Abaqus built-in Hashin model is also compared at the single element
level. However, this model is not evaluated further as the response is similar to the other
CDM models. All analyses were performed in Abaqus/Explicit [45].

2.2.1 CDM3D MoDEL

The CDM3D model takes into account the three-dimensional (3D) stress state through the
physically-based 3D failure criteria proposed by Catalanotti et al. [46]. The implementation
is described in full detail by Lopes et al. [19] and is originally based on the work of Maimi
et al. [47] that guarantees the correct energy dissipation for each fracture mode in a
composite material. The laminate compliance tensor, [H(dy)], is affected by the damage
variables in each orthotropic direction dy (M = 1+,2+,3+,4,5,6), as shown in Figure 2.1, and
is associated with the damage evolution laws for each failure mode. Each damage evolution

a) Longitudinal tension/compression: b) Transverse tension/compression: c) In-plane and out-of-plane shear:
0, Xy 0, 4 Yr Tm 4. S5
Fiber breakage d
4,5,6
d+ dy+
Gu/L, Fiber pull-out Gy /L,
G/l € G, /L, €, Ym
d;- e
2

Fiber kinking

X By Yeb---y

Figure 2.1: CDM3D damage laws: a) longitudinal tension/compression, b) transverse tension/compression, c)
in-plane and out-of-plane shear.

law is defined by the strength (X;, X, Y3, Y., St, S1), fracture toughness (Gyy), and element
direction (L = 1,2,3) of the corresponding failure mode, respectively in fiber longitudinal
tension/compression (Figure 2.1a), matrix transverse tension/compression (Figure 2.1b),
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and matrix shear (Figure 2.1c). Out-of-plane tension (M = 3,) is disabled and accounted for
by the interlaminar model. The shear components follow elasto-plastic behavior defined by
nonlinear relationships based on explicit forms of the Ramberg-Osgood law. Fiber failure is
implemented using a superposition of cohesive laws to represent the different fiber failure
modes such as fiber breakage, pull-out and kinking as proposed by Déavila et al. [48].

The corresponding compliance tensor with damage follows the Abaqus/Explicit convention
and is expressed as:

1
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An advantage of this approach is that the damage behavior of each orthotropic direction
can be individually defined, but it also requires correct coupling of damage variables that
may influence softening in a specific direction depending on the crack orientation. Related
to this study, it is important to consider that the stress-strain measure in this model follows
the CDM approach based on small strain increments.

2.2.2 CompDam MoODEL

The CompDam model [44] was developed to accurately represent the kinematics of com-
posite damage, and in particular for the simulation of matrix cracks formed under tension,
compression, and shear loading conditions. The kinematics of a matrix crack are repre-
sented by treating them as a cohesive crack embedded in a deformable bulk material, and
the relative contributions of the crack opening and bulk deformation are determined in
accordance with the DGD methodology. The method uses additive decomposition of the
deformation gradient tensor into ‘bulk material’ and ‘crack’ components as compared
in Figure 2.2 to a continuum during shear deformation. In the DGD methodology, the
cohesive displacement-jump vector, 8, represents the deformation on an embedded cohe-
sive crack. Matrix damage is accounted for in the embedded cohesive crack, while fiber
damage is modelled using strain-softening, as shown in Figure 2.1(a). Fiber damage is,
as in CDM3D, based on superposition of cohesive laws. The shear components follow
elasto-plastic behavior defined by nonlinear relationships based on the Ramberg-Osgood
law, however, unlike CDM3D, this has to be solved using the Newton-Raphson method.
The DGD methodology returns a single damage variable (d,) for the softening behavior,
which is coupled with the 3-direction depending on the crack orientation because the
model can distinguish between a matrix crack and delamination. An advantage of the DGD
approach is that the damage of the continuum can be directly related to the orientation of
the crack and mixed-mode conditions can be accurately derived from the crack opening
displacement-jump. A disadvantage is that the methodology requires internal convergence
loops to solve the displacement jumps, which may affect computational efficiency and
solution robustness. Related to this study, it is important to consider that the stress-strain
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measure in this model accounts for large displacement in geometrically nonlinear problems
in Abaqus/Explicit.

Continuu™ 2 Crack

1 1

Figure 2.2: CompDam DGD decomposition of crack and bulk material in a continuum element.

2.2.3 CDM-SS anp CDM-LD MoODELS

The intralaminar CDM models in this study were implemented through a user-defined
“VUMAT" subroutine using a numerically explicit integration scheme and are based on
the Puck 2D failure criterion [49-51]. The failure criteria provides a closed-form solution
for the fracture plane angle. Since an iterative procedure to determine the fracture plane
angle is not required, this methodology is computationally efficient. The theory classifies
lamina failure by Fiber Fracture (FF) and Inter-Fiber-Fracture (IFF), also referred to as
fiber and matrix failure, respectively. Fiber failure in tension and compression follows
a simple maximum stress formulation, while matrix failure is described by three failure
modes. Failure due to matrix tension and/or in-plane shear is referred to as Mode A and
results in a fracture plane angle equal to zero. The fracture angle remains at zero degree
during moderate combined loading in shear and compression, identified as Mode B. As
compressive loads increase, the fracture plane angle increases up to 54 degree in pure
compression. This final fracture mode is identified as Mode C. The implemented version as
detailed in Appendix 2.A of the 2D Puck failure criteria follows the VDI-guideline VDI2014,
Part 3 [52], which includes weakening of the matrix strength due to high fiber stresses
[51].

After the onset of damage, strain-softening laws are used to damage the ply for each
in-plane failure mode (d;., ds., dg) as shown in Figure 2.1. Softening in the fiber direction
is implemented through the trilinear softening law of the CompDam implementation [44].
For matrix failure, the equations for exponential softening from Maimi et al. [47] are
used to ensure that the computed dissipated energy is independent of mesh refinement.
The maximum element size for each failure mode is calculated according to the crack
band model [53], where the characteristic element length is calculated for a material-
aligned meshing strategy following the modeling approach defined in [16]. The damage
and internal parameters are also used to allow for closure of transverse cracks under load
reversal. Depending on the sign of the normal stress, a damage mode can be either activated
or disabled. It is assumed that a tensile matrix crack (Mode A) can be closed in compression
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(Mode B), while shear cracks and cracks with fracture angles higher than 0° (Mode C)
can not be closed. Shear damage (ds) is coupled by both fiber and matrix failure [47] in
damaging the stiffness matrix. Frictional effects are not considered in the model.

Shear nonlinearity in the 1-2 plane is modelled using the Ramberg-Osgood equation
based on the CompDam implementation [44], where the parameters are obtained from
fitting experimental in-plane shear tests. The response is assumed to be plastic until the
onset of damage, after which the element is damaged following an exponential softening law
that is regularized according to the mode II fracture toughness. Nonlinear behavior in other
directions is not considered. Finally, an element deletion strategy is implemented in order
to avoid excessive element distortion which may significantly influence the runtime of the
analysis or even crash it. These highly distorted elements generally exhibit sudden changes
in volume that can be detected through the determinant of the deformation gradient det(F)
[54]. The criteria for element deletion is adopted from [16], and is set to be more strict
during very large deformations. For fiber failure, the elements are deleted once the damage
variable becomes nearly one (d;. = 0.99999). Furthermore, the elements are also deleted if
any of the strains becomes larger than one (|¢;| = 1.0(i = 1,2); y;| = 1.0(i = 12)). Finally, the
elements are also deleted if large volume changes occur (det(F) < 0.4 or det(F) = 4.0). This
strategy ensures that elements are only deleted if they are highly deformed or damaged and
no longer carry any loads, as early deletion or limiting damage variables might influence
the final failure modes.

The main difference between the two models presented in this study is related to the def-
inition of the stress-strain measures and how the material axis rotates during geometrically
linear and nonlinear analyses. During geometrically nonlinear analyses (NLGEOM=YES)
the strain increment given by Abaqus/Explicit follows a co-rotational coordinate system
where the material axis is rotated with the element, while for geometrically linear anal-
yses this is not the case. An example of the material axis rotation during simple shear
deformation for both cases is given in Figure 2.3.

NLGEOM=NO
ha
T T
: \Vf 0 2 f
<:| SEEEE I > 1 >l
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1
2 2
- . L.,
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L 1 UNDEFORMED DEFORMED DAMAGED

Figure 2.3: Element deformation of Continuum Damage Model during ply splitting and default local coordinate
system in Abaqus/Explicit.




16 CHAPTER 2

The desired element deformation and crack orientation during the damaged state
is also given. If the strain is derived following the material rotation in the deformed
situation during geometrically nonlinear analyses, then the damaged compliance tensor,
as described in equation (2.1), would also follow this rotation and may cause issues with
incorrectly defined orientation of the softening directions. The incorrectly defined matrix
crack orientation due to material axis rotation may cause load transfer across matrix cracks,
where the strain and/or rotations due to softening and material nonlinearity may become
large enough to invalidate the assumptions inherent to small strain theory. This can
then trigger spurious secondary failure mechanisms such as fiber failure [40]. Both the
approach of the CDM3D model and a simplified version of the large deformation approach
of CompDam are implemented in the CDM in order to investigate if only accounting for
large displacements and rotation on the element deformation would be sufficient to predict
ply splitting. Both implementations are briefly explained next.

CDM-SS: CDM APPROACH BASED ON SMALL STRAIN INCREMENTS

In CDM models [47], the presence of a crack is often accounted for by damaging the
stiffness tensor, C. The damaged stiffness tensor, C?¢ is used to calculate the stress, o, from
the current strain, €, without explicitly modeling the crack. The total strain, €, is calculated
by adding the strain increment, Ae, given by Abaqus/Explicit to the total strain from the
previous step for each time increment (€ = €preo + A€).

o=C%: ¢ (2.2)

An alternative approach that yields the same result as using small strain increments is
based on the logarithmic strain and Cauchy stress. The logarithmic strain tensor, E;,, can
be calculated from the stretch and is defined as [55]

Ejoe =P-InA-PT (2.3)

where P and A are, respectively, the matrices of the eigenvectors and eigenvalues of the
stretch, U. The stress, o, is then calculated using Hooke’s law and cd,

In this approach, the damaged stiffness tensor follows the material rotation in the
deformed situation as the stress-strain measure is derived for the current configuration
and nodal positions. The CDM model with this implementation is referred to as CDM-SS
and is compared to CDM3D in this study.

CDM-LD: APPROACH ACCOUNTING FOR LARGE DEFORMATION KINEMATICS

The large deformation approach [56] is based on a Lagrangian kinematic measure where
the constitutive equations can be defined within a orthonormal material frame. The Green-
Lagrange strain, Egy, is determined from the deformation gradient tensor, F:

EgL = % (FT-F-T) (2.4)

where I is the identity tensor. The 2"d Piola-Kirchhoff stress, S, can be determined from
EGL and Cd:

S= Cd : EGL (2.5)
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S can be mapped to the current configuration by

1
t=F.-S-Fland o = 7° with J = det(F) (2.6)

where 7 is the Kirchhoff stress. The stresses need to be rotated back to the co-rotational
basis of Abaqus through the use of a rotation matrix, R.

Oabg = R-o-RT 2.7)

In this approach, the stress-strain measure used for the calculation of damage is derived
based on the reference configuration. The CDM model with this implementation is referred
to here as CDM-LD and is compared to CompDam.

2.3 NUMERICAL ANALYSIS AND D1SCUSSION

The different methodologies described in Section 2.2 are applied to geometrically nonlinear
problems involving large shear deformation, and the effect of each methodology is analyzed
in this section. The models are evaluated at three different levels as shown in Figure 2.4:
(1) Single element simple shear; (2) Splitting of an open-hole UD ply; and (3) Open-hole
tension of a composite laminate coupon. The benchmarks are chosen so that the influence
of the differences in methodology can be highlighted at each level under loading conditions
that are representative for ply splitting. Both the single element and open-hole UD ply
benchmark are loaded in fiber direction (material axis 1) as shown in Figure 2.3. The

1) 2) 3)
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Figure 2.4: Benchmarks at three different levels: (1) Single element simple shear; (2) Splitting of an open-hole UD
ply and (3) Open-hole tension of a composite laminate coupon

benchmark at the single element and UD ply level follow the modeling approach described
in [40]. The high-fidelity modeling of the open-hole coupon takes into account both
inter- and intralaminar damage, where ply-by-ply modeling is employed. The interlaminar
behavior is modelled through the general contact algorithm available in Abaqus/Explicit
[45], which accounts for the kinematics of surface contact, cohesive separations and friction
[16, 19]. For some of the studies presented in this section, the influence of linear shear (LS)
versus nonlinear shear (NLS) is investigated.
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2.3.1 MATERIAL PROPERTIES

The material properties for AS4/8552 and IM7/8552 used in this study are given in Table 2.1.
Only the properties relevant for the benchmarks are shown, while the full set is provided
in [16, 44].

Table 2.1: Material properties of AS4/8552 [16] and IM7/8552 [44].

Property Description AS4/8552 IM7/8552  Unit
Eny Young’s modulus, longitudinal tensile direction 137100 171420 MPa
E»» Young’s modulus, transverse tensile direction 9456 9401 MPa
Gi2 Shear modulus 4992 5290 MPa
V12 Poisson ratio, 1-2 0.314 0.32 -

Vo3 Poisson ratio, 2-3 0.487 0.52 -

Yr Mode I matrix strength 74.2 80.0 MPa
St Mode II matrix strength 97.53 92.3 MPa
Xr Fiber tensile strength 2106.4 2326.2 MPa
Gye Mode I interlaminar fracture toughness 0.3 0.3 kJ/m?
Gipe Mode II interlaminar fracture toughness 0.78 0.788 kJ/m?
n Benzeggagh-Kenane coefficient 1.45 1.634 -
Gxr Longitudinal tensile fracture toughness 125 133.3 kJ/m?

2.3.2 SINGLE ELEMENT SIMPLE SHEAR

An eight-node C3D8R solid single element is loaded in simple shear as shown in Figure 2.3.
The size of the element is 0.1 mm in each direction and the AS4/8552 material properties are
given in Table 2.1. The fiber direction is aligned with the 1-direction. The bottom 4 nodes
are constrained in all directions, while the top nodes are constrained in 2 and 3-direction.
The element is loaded at the top nodes in 1-direction by an applied displacement of 0.1 mm.

The softening of the single element is studied by summing the reaction forces in 1-
direction of the top nodes. The shear stress and strain provided by Abaqus is not reported
here because they are provided in the rotated material direction. If the user is not aware of
this material axis rotation, the softening behavior appears to be as expected in material
direction stress/strain, however not in terms of stress based on the reaction forces. The
expected response is linear-elastic before the onset of damage (d,, = 0) followed by linear
softening until the reaction force reaches zero (d,, = 1).

The results of the single element analysis is shown in Figure 2.5. The Abaqus built-in
Hashin material model is used first. The influence of the material axis rotation as illustrated
in Figure 2.3 on the reaction forces in 1-direction during a geometrically nonlinear problem
(NLGEOM=YES) is compared to the results of a linear analysis (NLGEOM=NO). Both models
show identical response during the linear-elastic part and onset of damage is predicted
at the same point. However, the softening response shows very different results. During
the softening of the geometrically nonlinear analysis, the reaction force starts picking
up load in the 1-direction due to the rotation of the material axis and incorrectly defined
crack plane. Furthermore, the incorrectly defined material coordinate system also results
in the development of spurious stresses. For example, the stress in fiber direction rapidly
increases and results in the onset of compressive fiber damage (dy onset) at large shear
strains.
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Figure 2.5: Single element reaction force (RF1), simple shear loading, Abaqus build-in Hashin material model.

The single element model is further studied using the different approaches and the
results are compared against CDM3D and CompDam in Figure 2.6 during a geometrical
nonlinear analysis (NLGEOM=YES). It is shown that CDM3D and CDM-SS, which do not
account for material axis rotation, show the same softening response as the Hashin model
(Figure 2.5) with a slight difference in the onset of fiber failure due to the difference in
failure criteria. However, the softening response of CompDam and CDM-LD is correct. The
only difference between the models is the implementation of the softening law, which is
linear in CompDam and exponential in the other models.

2.5
—CDM3D
,,,,, CDM-SS d; onset
z 2t
= —~CompDam \4
& r ---CDM-LD
g 15 |
£ [
2 [
S [ djonset
T 1
]
[
o
05 |
r d,=1
0 eSS
0 0.01 0.02 0.03 0.04

Displacement U1 [mm]

Figure 2.6: Single element simple shear loading, comparing the reaction force (RF1) of the different models during
geometrical nonlinear analysis (NLGEOM=YES).
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The development of spurious stresses, and ultimately compressive fiber failure (dy) at
large shear strains is also predicted by the models that do not account for material axis
rotation (CDM3D and CDM-SS). Furthermore, a compressive force increases during shear
loading as shown in Figure 2.7, while the transverse force resulting from shear damage
predicted by CompDam and CDM-LD is negligible. It should be noted that when using
CDM-LD or CompDam in a geometrically linear analysis with NLGEOM=NO, the stresses
are over-rotated, which causes a similarly incorrect load-transfer across the element.
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Figure 2.7: Single element simple shear loading, comparing the reaction force (RF2) of the different models during
geometrical nonlinear analysis (NLGEOM=YES).
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2.3.3 UNIDIRECTIONAL SINGLE PLY OPEN-HOLE TENSION SPECIMEN
The second evaluation of CDM models in the present study concerns their ability to
predict fiber splits in a UD single ply open-hole specimen following the benchmark in
[44]. This benchmark is chosen because it shows how fiber splitting influences the stress-
concentration around the hole and failure mode of the UD single ply open-hole specimen
[35]. The prediction of fiber splitting is difficult because of the large shear deformation that
occurs near the hole after onset of matrix damage as shown in Figure 2.3. The UD open-hole
model is shown in Figure 2.8 and is 50.8—mm long, 12.7-mm wide with a hole of 3.175 mm
in diameter. Only a single ply is modelled, meaning the thickness of the specimen is
0.183 mm. The modeling strategy follows the approach defined in [16] with a fiber aligned
mesh. The expected failure mode of the UD open-hole specimen is a net-section fiber failure
of the remaining ligaments after the stress-concentration of the hole has been reduced
by fiber splitting. The fibers are aligned with the loading direction and a fiber-aligned
structural mesh is used. The elements are 0.127 mm in the transverse direction and have
an aspect ratio of 3 in the longitudinal direction, resulting in an element length of 0.38 mm.
The element size is chosen such that they meet the requirements for mesh regularization
without experiencing snap-back behavior during softening [16]. The IM7/8552 material
properties used in this study are given in Table 2.1.

L=50.8 mm 0.127 mm

Fiber-aligned “structured” mesh

W =12.7 mm

Figure 2.8: Unidirectional single ply open-hole tension model, following dimensions from [40].
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The theoretical UD net-section strength of the open-hole specimen without stress
concentration is X7 - (W - D) t,;, = 4054 N. The prediction of the load-displacement
curve, during a geometrical nonlinear (NLGEOM=YES) analysis, for both the CDM3D and
CompDam model is shown in Figure 2.9. The prediction of the initial stiffness and onset of
fiber splitting (1) is very similar between the models. The CDM3D model, which does not
account for material rotation, is unable to reduce the stress concentration at the hole. As
soon as the shear deformation within the splits becomes large enough to trigger spurious
failure modes the load-displacement curve drops (2) and the CDM3D specimen fails (3).
In contrast, the CompDam model exhibits fully developed fiber splits from end to end
(2) which greatly reduces the stress concentration such that the central region carries no
load (4). As expected, final failure of the specimen (5) is governed by fiber failure in the
remaining ligaments. The colors in Figure 2.9 (1), (2), (3) and (5) represent element damage
(blue = undamaged, red = fully damaged), while the colors in (4) indicate the amount of
stress carried by the ligaments related to the UD net-section strength.
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Figure 2.9: Load-displacement curves of the UD open-hole ply split benchmark with comparison of difference in
failure modes between CDM3D and CompDam model.

The benchmark is repeated with CDM-SS and CDM-LD to investigate how the difference
in methodology affects the prediction of fiber splits and final failure of the UD open-
hole specimen. In addition, the effect of shear non-linearity is investigated. The load-
displacement predictions are shown in Figure 2.10 and the corresponding failure modes
are presented in Figure 2.11.
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The initial linear-elastic response of the load-displacement curve is identical for both
models up to the onset of matrix failure and fiber splitting. For the CDM-SS model (which
does not account for material rotation), the inclusion of nonlinear shear in the analysis
slows the development of the splits (1) and promotes the development of spurious failure
modes causing early failure of the specimen (2). For CDM-LD, there is no significant
impact of material nonlinearity on final specimen strength (3) and ply splitting is accurately
captured.
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Figure 2.10: Prediction of UD open-hole ply splitting, linear versus nonlinear shear using the two different
approaches. The failure modes at three points are compared in Figure 2.11.

(1 () 3)

LS NLS
CDM-SS, CDM-LD CDM-SS CDM-LD

Figure 2.11: Comparison of the UD open-hole failure modes from Figure 2.10: (1) initiation of ply splitting; (2)
CDM-SS, LS vs NLS; (3) CDM-LD, LS vs NLS.
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During the analysis, failure onset during shear loading is defined at 5% shear strain,
which is a typical value for thermoset composites [42]. The introduction of nonlinear shear
in the analysis showed a significant effect on the strength prediction and failure mechanics.
Therefore, it becomes apparent that the effect of these spurious failure modes may play an
important role in the final failure modes at laminate level and could be especially important
for materials such as thermoplastic composites, which allow for even higher deformations
within the local failure modes.

2.3.4 OPEN-HOLE TENSION LAMINATE

The previous section clearly demonstrates that, to predict fiber splitting on unidirectional
plies, it is necessary to account for large deformation kinematics. In this section, the effect
of the modeling approaches is evaluated in the case of a multi-directional laminate typical
of applications in the aerospace industry. The open-hole tension specimen of the hard
laminate presented in [16] is chosen for this study and is referred to as [50/40/10], which
stands for the percentage of 0-, + 45- and 90-degree plies. Fiber failure is modelled differently
between the models and the (3D vs 2D) failure criteria. Also, the shape of the cohesive
law for fiber failure has a pronounced effect on the coupon strength at laminate level,
which is not part of the current study. Therefore, only matrix damage and delamination
is compared between the models and no load-displacement curves are shown. The finite
element model of the open-hole tension laminate is shown in Figure 2.8 and is 38.1 mm
wide, 65 mm long and has a hole with a diameter of 6.35 mm. The laminate consists of 20
plies ([0/45/0/90/0/-45/0/45/0/-45]5). The modeling strategy follows the approach defined
in [16, 19] and each ply consists of a fiber aligned mesh. The interlaminar behavior is

<+— Load introduction zone

<— Transition zone

L=65.0mm

D=6.35mm

General contact; cohesive surfaces

Vm‘ Symmetry plane

Figure 2.12: Finite element model of the open-hole tension laminate specimen.

modelled through the general contact algorithm available in ABAQUS/Explicit [45] to solve
the issues of the non-coincident fiber aligned mesh and takes care of the kinematics of
surface contact, cohesive and frictional behavior. Interlaminar damage (delamination) is
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described in terms of tractions and displacements by the cohesive zone model. The model
reduces the stiffness of the cohesive surface thus decreasing the traction while dissipating
the fracture energy corresponding to the specific mixed-mode opening mode. Mixed-mode
interaction follows the Benzeggagh-Kenane criterion [57]. The quadratic nominal stress
failure criteria is used for damage initiation and based on the interlaminar strength values
for each damage mode. The corresponding material properties are given in Table 2.1. A
value of 200000 N/mm? is used for the mode I penalty stiffness and the shear penalty
stiffness follows Turon’s equation [58]. Frictional effects are considered to be ply interface
angle dependent and follows the approach and values from [16, 19]. Symmetry through the
thickness is used to reduce the computational cost. The material properties of each ply take
into the account their in-situ strength. The load is introduced into the coupon through a
‘load introduction zone’ with linear-elastic properties and a "transition zone’ with increased

fracture toughness in order to mitigate the influence of the boundary conditions and edge.

The prediction of the failure mode of the [50/40/10] open-hole tension test by using
the CDM approaches (1: CDM3D, 2: CDM-SS) is shown in Figure 2.13. As expected, the
final failure of the open-hole tension test is dominated by fiber failure due to the large
number of 0-degree plies. Both models predict a clean net-section failure with limited
matrix damage and delaminations.

Matrix damage

| Matrix damage I

Delamination I

Delamination

()

Figure 2.13: Failure mode of [50/40/10] open-hole tension analysis: (1) CDM3D; (2) CDM-SS.

The predictions of the failure mode of the open-hole specimen by the CompDam and
CDM-LD model is shown in Figure 2.14. Although final failure of the coupon is still
dominated by fiber failure, the development of internal matrix damage, fiber splits and
their interaction with delaminations is very different compared to Figure 2.13. The large
difference in predicted failure modes demonstrates that accounting for large deformations
appears to also be important at the laminate level as ply splitting will highly influence the
development of delaminations.
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|
| Matrix damage | Matrix damage

I Delamination I | Delamination I

(1) (2)

Figure 2.14: Failure mode of [50/40/10] open-hole tension analysis: (1) CompDam; (2) CDM-LD.

A closer look at the failure mode reveals similar issues as identified by the previous
described test cases. Within the matrix cracks and ply splits there are signs of spurious
failure modes, which triggers incorrect failure of elements in their surrounding. A sign
of compressive fiber failure using the CDM3D model (1) is shown in Figure 2.15, while
CDM-LD shows large shear deformation at the local scale within the fully developed matrix
splits (2). The presence of high shear strains within the splits demonstrates that it is
important to account for large deformation kinetics in the constitutive model, even in the
case of thermoset materials that typically fail around 5% shear deformation.

2 (3)
- | |

Figure 2.15: Detailed look at failure mode of [50/40/10] open-hole tension analysis: (1) CDM3D, compressive fiber
failure within matrix splits; (2) CDM-LD, large shear deformation (5-50%) at the local scale within fully developed
matrix splits; (3) Indication of ply splits in published experimental failure mode open-hole, adapted from [16]
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The development of matrix cracks, ply splits and their interaction is shown in Figure 2.16.
Matrix damage starts to develop near the edges of the hole on each ply in the direction of
the fiber (1). Fiber damage initiates along the net section of the hole and delamination starts
to interact with the ply splits near the hole following the 45-degree plies (2). The fibers
near the hole become fully damaged and some elements are removed. A strong interaction
between the ply splits and delamination is observed (3) until they reach the edges of the
coupon (4). Similar internal failure modes can be observed in the experimental results and
in the literature [37, 38, 59]. The failure mode of a [50/40/10] open-hole tension laminate
is shown in Figure 2.17-3 and the directions of ply splits are marked. The experimental
data shown in [16] shows a net-section failure mode, but the coupon is not fully separated.
However, after full separation of a specimen from the same testing campaign, it can be
concluded that internal failure modes similar to those predicted by the CompDam and
CDM-LD model are present in the experimental data and that ply splits and delaminations
follow the 45-degree plies.

Matrix damage

Delamination
.
(2) (3) (4)

Figure 2.16: Development of matrix damage, ply splits and interaction with delamination using CDM-LD model:
(1) initiation of damage near hole edge; (2) Start of fiber damage and ply splits; (3) Propagation of ply splits and
interaction with delamination; (4) Final failure mode.
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Figure 2.17: Experimental failure mode of open-hole laminate after full separation of the fully failed laminates,
ply split directions marked in yellow.



2.4 CONCLUSION 29

2.4 CONCLUSION

The importance of accounting for large deformation in predictions of matrix failure of
composites is demonstrated in this paper. The constitutive behavior of two recently
developed continuum damage models is investigated. Two continuum damage model
approaches are implemented that use different stress-strain measures. The first approach
CDM-SS is based on small-strain increments and the Cauchy stress, while the second
approach CDM-LD accounts for large deformation kinematics through the use of the Green-
Lagrange strain and the 2"¢ Piola-Kirchhoff stress. The ability of the CDM models to
predict matrix failure and ply splitting is evaluated by benchmarks at the single element,
ply and coupon level. It is found that approaches based on small strain increments and
logarithmic strains run into difficulties during large shear deformation as spurious stresses
trigger incorrect failure modes. The incorrectly defined matrix crack orientation due
to material axis rotation may cause load transfer across matrix cracks, where the strain
and/or rotations due to softening and material nonlinearity may become large enough
to invalidate the assumptions inherent to small strain theory. Analysis of the open-hole
laminate also confirms a CDM approach based on small-strain increments and the Cauchy
stress is insufficient to predict correct failure mechanisms. For example, fiber compression
failure is triggered locally and limited interactions of the fiber splits with delamination
are observed. The present analysis also shows that the inaccurate failure mechanisms
are corrected by expressing the constitutive equations based on a Lagrangian kinematic
measure, as implemented in the CompDam and CDM-LD models. Accounting for large
deformation kinematics results in the prediction of fully developed ply splits, and allows
for strong interaction with delaminations, resulting in a significant improvement in the
prediction of the open-hole coupon internal failure mechanisms as shown by comparison
to the experimental failure mode. From the insights gained in this study, it is recommended
to base CDM models on a Lagrangian kinematic measure to improve their ability to predict
ply splitting. Furthermore, the improvements in the numerical methodology may also help
to analyse the matrix-dominated failure modes of thermoplastic composites welded joints
as it is expected that their increased toughness and nonlinear behavior will promote larger
deformations in the local failure mechanisms.
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2.A CDM IMPLEMENTATION 2D PUCK FAILURE CRITERIA

The 2D Puck failure theory classifies lamina failure by Fiber Fracture (FF) and Inter-
Fiber-Fracture (IFF), also referred to as fiber and matrix failure, respectively. Fiber failure
represents failure in tension or compression due to loads parallel to the fiber axis (o), while
matrix failure is caused by transverse (o) as well as shear loads (7;;) and the interaction
between them. The main idea of the Puck’s theory, which is based on Mohr’s fracture
theory, is that the fracture limit of a material is determined by the stresses on the fracture
plane. The predicted failure mode, follows from the plane with the least resistance. The
Puck failure criteria is described by a stress exposure fr which is defined as the ratio
between the applied and failure stress vector. The R terms in the Puck failure criteria are
strength parameters that describe the resistance of the action plane due to stress in the
same direction. Many of these parameters can be mapped to the standard lamina stress
allowables as given in Table 2.1: R! = X;, RIC =X;, Rl = Y;, Rf = Y¢, Ry = S51. The 2D Puck
failure theory, based on the mapped stress allowables, is defined as follows. The stress
exposure for fiber failure fz pr in tension and compression follows a simple maximum
stress formulation:

If o1 > 0:
o1
= — 2.8
ferF X, (2.8)
If oy <0:
(-o
feFF= X:) (2.9)

The failure envelope for matrix failure is shown in Figure 2.A.1 and consists of three
different fracture modes. Failure due to matrix tension and/or in-plane shear is referred to
as Mode A and results in a fracture plane angle 6 equal to zero. The fracture angle remains
at zero degree during moderate combined loading in shear and compression, identified as
Mode B in in Figure 2.A.1. As compressive loads increase, the fracture plane angle increases
up to 54 degree in pure compression. This final fracture mode is identified as Mode C.

The matrix failure envelop can be constructed in closed-form, however this requires
the use material specific inclination (p) parameters. The recommended [51] parameters for

CFRP/Epoxy are p(fH) =0.35, pi_”) =0.3, p(fj = 0.275. The transverse-transverse inclination

parameter pﬂ is in the range of 0.25-0.30 but can also be obtained from

() _ ,ORL
pii=py S (2.10)
21
where the fracture resistance RZ, is defined as:
S 0 Y,
R, = 72(1_) ( 1+ zpiu)sfc - 1) (2.11)
2Py &

The shear stress at the turning point of the fracture curve, ., is defined as:

T1c = S\ 1+2p) (2.12)
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Figure 2.A.1: Puck failure criteria matrix failure modes, adapted from [51]

The stress exposure for matrix failure, fg jrf, for each fracture mode in is defined as:

Mode A: For o5 = 0:

2 2 2
T12 ) Yt o2 (+) 02
= (2 1-p L) (2 =2 2.13
Jearr \/( Sa1 ) ’ < Pl Sa1 ) ( Yt> TPy Sa1 (2.13)

RA
Mode B: For 0 < 0 and 0 < | 2| < Rk
c

1 2 (O )0
JeIFF = N T+ (pLH ‘72) +Py 02 (2.14)
Mode C: Foroy < 0 and 0 < || < [ra1dl ,
2 R,

2

2

Ye 21 op)

= — 2.15

Jeirr (—op) O + < Yc> (2.15)
2 1+pJ_J_ 521

According to Mohr’s hypothesis, the stress o7 does not have any influence on matrix
failure as the action plane of o7 is perpendicular to the plane which is acted on by the
stresses important for matrix failure. However, it is necessary to include a o7 in the matrix
failure equations to weaken the matrix strength due to high fiber stresses [49, 51]. The
reduction in matrix strength due to this effect is shown in Figure 2.A.2, where factors s
and m control the amount of weakening due to fiber stresses. These factors can be fit on
experimental data, where a value of m = 1 and s = 0 implies no effect of the parallel-to-fiber
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Figure 2.A.2: Influence of high fiber stress on matrix failure, adapted from [51]

stress on the matrix strength. The recommended [51] values of m = 0.5 and s = 0.5 are used
in this study.

The final corrected matrix stress exposure, denoted as fg;, can be calculated from
the stress exposure without the influence fzo and the weakening factor 7,1 if % =c=m
following

EO
fe1= Ll (2.16)
w
where
cla cz(az—sz)+1+s)
= 2.17
w1 (Ca)z 1 ( )
and c is a function of the fiber fracture stress exposure fz rr
1-s
c:ffEO 0= =15 05m =05 (2.18)
E,FF -m

After the onset of damage, damaging each ply is modelled by means of strain-softening
laws. This is done through introducing a single scalar damage variable for each different
physical failure mode (di., ds., ds) following the approach defined by [47]. The subscript
1 denotes failure in the fiber direction, and 2 denoted matrix failure. Distinction is made
between tensile (+) and compressive (-) failure for the fiber and matrix failure modes to
allow for differences in fracture toughness in each mode. Fiber failure (d;.) is not influenced
by matrix failure, thus the longitudinal stiffness is not reduced as a function of matrix
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failure. However, shear damage (dg) is coupled by both fiber and matrix failure [47] in
damaging the stiffness matrix.

Softening laws are to ensure the physically correct dissipation of fracture energy for
each failure mode. The exponential softening for matrix failure is expressed in equation
2.19.

dy = 1- — exp{Am[1-ru]}(M = 2+,6) (2.19)
™

where ry (M = 1+,2+,6) are model internal variables know as the elastic domain thresholds,
which are initially 1.0 before the onset of damage and increase with effective stresses
when failure initiates. The A-parameter in equation (2.19) is calculated to ensure that the
computed dissipated energy is independent of mesh refinement [47]. The matrix damage
variables are related to the Puck matrix failure modes follow the same validity as equation
2.13t0 2.15:

Mode A: For o = 0:

d2 = max(dg+,dg_) (220)
A
Mode B: For 0, < 0 and 0 < | 2| < Hab;
21! T |2
dy=dy_ (2.21)
Mode C: Foro, < 0 and 0 < | 2| < L2l
2 1= R
dy = d,- (2.22)

Shear damage in each mode is directly related to matrix failure:
ds = dy (2.23)

The damage and internal parameters are also used to allow for closure of transverse
cracks under load reversal. Depending on the sign of the normal stress, a damage mode can
be either activated or disabled. It is assumed that a tensile matrix crack (Mode A, Figure
2.A.1) can be closed in compression (Mode B, Figure 2.A.1), while shear cracks and cracks
with fracture angles higher than 0° (Mode C, Figure 2.A.1) can not be closed. Frictional
effects are not considered in the model.

Softening in fiber direction requires taking into account both fiber pull-out and bridging
in order to predict size-effects for open-hole [60] and is implemented through a trilinear
softening law following the CompDam implementation [44]. However, this is not de-
scribed here as this study focuses on matrix dominated failure. The shear nonlinearity in
the 1-2 plane is modelled using the Ramberg-Osgood equation based on the CompDam
implementation [44]:

712 + QpiSign(Ti2)| 712| "7
Y1z = L (2.24)
Grz
where @, and 7, can be obtained from fitting experimental in-plane shear tests. The

response is assumed to be plastic until the onset of damage, after which the element is
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damaged following an exponential softening law that is regularized according to the mode
II fracture toughness. Nonlinear behavior in other directions are not considered.

The maximum element size for each failure mode is calculated according to the crack
band model [53], where the characteristic element length is calculated for a material-aligned
meshing strategy following the modeling approach defined in [16].

Finally, an element deletion strategy is implemented in order to avoid excessive element
distortion which may significantly influence the run-times of the analysis or even crash it.
These highly distorted elements generally show a sudden changes in volume which can
be detected through the determinant of the deformation gradient det(F) [54]. The criteria
for element deletion is adopted from [16], and is set to be more strict during very large
deformations. For fiber failure, the elements are deleted once the damage variable becomes
one. Summarizing, elements are deleted if they meet the following requirements:

dix = 0.99999

l&]] = 1.0(i = 1,2)

lyil = 1.0(i = 12)

det(F) < 0.4 or det(F) = 4.0

(2.25)
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CHARACTERIZATION AND
ANALYSIS OF THE INTERLAMINAR
BEHAVIOR OF THERMOPLASTIC
COMPOSITES CONSIDERING FIBER
BRIDGING AND R-CURVE EFFECTS

Thermoplastic composites can enable the development of new manufacturing techniques to
make the aviation industry more sustainable while at the same time greatly benefit cost-
efficient and high-volume production. One of the thermoplastic composite materials that can
enable this transition is AS4/PEKK-FC. In this work, the interlaminar properties of AS4/PEKK-
FC thermoplastic composite are characterized and analyzed by means of Mode I, I and Mixed
Mode /Il at 50:50 tests, while considering fiber bridging and R-curve effects. In order to achieve
stable crack propagation the test configurations are adjusted to account for the large fracture
process zone ahead of the crack tip and an appropriate data reduction method is selected. The
experimental data is reduced using an inverse methodology to extract cohesive laws based on
only the load-displacement curves. Additionally, the use of this methodology provides new
insights into the validity of two different mode II tests and the influence of fiber bridging on the
mixed-mode interlaminar behavior. The interlaminar damage mechanisms are investigated
by means of scanning electron microscopy. The resulting cohesive laws are implemented in
commercial finite element software in tabular form, without the need for user-subroutines. All
experimental test configurations are analyzed using a single material card and it is shown
that fiber bridging and R-curve effects are well captured.

This chapter is based on [EB.H. A.H. Tijs, S. Abdel-Monsef, J. Renart, A. Turon, and C. Bisagni. Characterization
and analysis of the interlaminar behavior of thermoplastic composites considering fiber bridging and R-curve
effects. Composites Part A: Applied Science and Manufacturing, 162:107101, 7 2022.
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3.1 INTRODUCTION

There is a strong push in the aviation sector to move towards more sustainable and af-
fordable aircraft structures. In order to meet these new requirements, it is inevitable that
changes have to be made in the way aircraft structures are designed and manufactured.
One of the materials that can facilitate this transition, is thermoplastic composite. Among
many other benefits, the material offers improved mechanical properties, *unlimited” shell
life and also recyclability. Furthermore, thermoplastic composites also enable the use of
new assembly techniques such as autoclave co-consolidation, out-of-autoclave and welding
[9] which can greatly benefit cost-efficient and high-volume manufacturing. These new
assembly techniques take advantage of the improved interlaminar mechanical properties
compared to thermoset composites and can greatly reduce the amount of mechanical fas-
teners required. One of the most recent advancements that leverages this new technology,
is the development of the next generation of thermoplastic composite aircraft fuselage
[15]. This new fuselage design considers, among other materials, the fast-crystalizing
Poly(Ether-Ketone-Ketone) thermoplastic polymer, also referred to as PEKK-FC [61]. In
contrast to thermoplastic composites which have been studied in the past [43, 62-66],
PEKK-FC composites offer faster processing times due to the increased rate of crystal-
lization and can thus make a significant impact in how aircraft structures are designed
and manufactured [67]. What makes PEKK unique among the other high performance
polymers in the PAEK family, is the ability to synthesize isomeric copolymers to lower
the melting temperature well below polymer degradation and significantly widen the melt
processing window [68]. However, there is currently not much experimental understanding
of the failure mechanisms of this material and the availability of accurate experimental data
and validated testing or analysis techniques is rather limited [12, 61, 69-71]. Additionally,
achieving predictable crack growth under both static and cyclic loading conditions is of
high importance in aircraft design. It is expected that the superior mechanical performance
of thermoplastic composites compared to thermoset composites may be attributed to effects
such as plasticity and fiber-bridging. These effects are known [72, 73] to increase the size of
the fracture process zone ahead of the crack-tip [74]. This large zone of damaged material
makes it difficult to identify the exact position of the crack-tip, and thus makes the use of
traditional experimental data reduction methods, which rely on accurately monitoring the
crack-tip, rather difficult [75]. Furthermore, in the End Notched Flexure (ENF) and Mixed-
Mode Bending (MMB) test, where only limited room for crack propagation is available,
the large fracture process zone may reach the load-introduction point before stable crack
growth can be achieved [74].

The use of cohesive zone models has become a popular methodology to accurately
simulate delamination growth in composites [76]. This model describes the failure during
delamination in terms of tractions and displacements of crack opening. The model reduces
the stiffness of the cohesive zone once damage is initiated, thus decreasing the traction while
respecting the amount of fracture energy that is dissipated. The shape of this softening
behavior can be described by a cohesive law, which can have many different forms (e.g.
linear, exponential, bilinear, trapezoidal, parabolic and multilinear) [77, 78], depending on
the material behaviour. This can for example be achieved by superposition of cohesive
elements [48] in order to capture specific failure modes such as fiber bridging [79, 80] or the
influence of different ply interface angles [81]. However, this may not be so straight forward



3.2 METHODOLOGY 37

for mixed-mode cohesive laws [82] and accurately following the load-displacement curve
remains difficult if there is a strong R-curve effect that requires an accurate description of
the cohesive law [79].

The aim of this work is to characterize and analyze the interlaminar behavior of
thermoplastic composites during quasi-static loading, while considering fiber bridging
and R-curve effects. This covers the whole process from experimental characterization,
fractographic investigation, data reduction, numerical implementation and verification by
numerical analysis in a commercial finite element software.

3.2 METHODOLOGY

An overview of the methodology is shown in Figure 3.2.1. First, the interlaminar fracture
toughness is characterized in Mode I, II and Mixed Mode I/II at 50:50 on the Double
Cantilever Beam (DCB) [83], End-Notched Flexure (ENF) [84], Calibrated End Loaded Split
(CELS) [85] and Mixed-Mode Bending 50% (MMB50) [86] test configurations. The ENF
and MMB50 test configurations are designed to achieve stable crack propagation, while
accounting for the large fracture process zone of the thermoplastic material. Therefore,
the validity of the mode II test method is investigated on both the ENF and CELS test and
resulting interlaminar properties are compared.

The presence of the fracture process zone also influences the data reduction and
analysis methodology. Consequently, both the traditional (Figure 3.2.1a) and a proposed
methodology (Figure 3.2.1b) for experimental data reduction are considered. The traditional
data reduction methods are based on the analytical Linear Elastic Fracture Mechanics
(LEFM) solutions and require accurate measurement or estimation of the crack length.
This results in an R-curve, which plots the calculated fracture toughness (G.) against the
crack length. The R-curve is however not a material property and depends on the test
configuration, which means that the R-curve can not directly be used in finite element
analysis. Therefore, typically only the initiation or propagation fracture toughness is used.
This makes the analysis conservative for large cracks when initiation values are used and
unconservative and inaccurate for small crack propagation when propagation values are
used.

Experimental Traditional data reduction (a) Numerical
characterization verification

Load

Data reduction / LEFM

Crack length
osed methodology (b) »

Load

A
|
Load

3
Traction S

Inverse method

Displacement Separation

Displacement

Figure 3.2.1: Overview of the methodology.




38 CHAPTER 3

The proposed methodology (Figure 3.2.1b) makes use of an inverse data reduction
method based on only the load-displacement curve [87, 88]. This method extracts a step-
wise representation of the cohesive law, which needs to be processed before it can be reliably
used in finite element software. This is achieved through the use of a new procedure, which
can ensure an accurate description of the shape of the cohesive law in tabular format.
The benefit is that the full R-curve effect can be accounted for and user-subroutines are
no longer required. The data reduction technique also provides new insights into how
fiber bridging affects the mixed-mode interlaminar behavior of thermoplastic composites.
Finally, numerical analyses are performed for all test configurations to verify the derived
interlaminar properties and analysis methodology.

3.2.1 MATERIAL PROPERTIES

The thermoplastic composite used in this work is the Solvay APC(PEKK-FC) thermoplastic
polymer prepreg [61]. The prepreg is reinforced with the continuous unidirectional AS4D
fiber with a nominal ply thickness of 0.14 mm. The laminates are manufactured by means
of autoclave consolidation, where a process cycle is used that is representative for large
aeronautical parts. This means a constant phase of at least 45 minutes and a cooldown
speed in the order of 5 ° C/min. The full set of material properties are provided in [12] and
the relevant properties that are used in the data reduction and analyses of this paper are
summarized in Table 3.2.1. All values are valid at room temperature ambient conditions.
The Young’s modulus is given in both tensile and compressive direction. The values of the
Matrix 0.2% and 0.5% offset shear strength are estimated by the nonlinear shear parameters
and equations provided in [12].

Table 3.2.1: AS4D/PEKK-FC thermoplastic composite properties [12]

Property Description Value  Unit
Ey; Young’s modulus, longitudinal tensile direction 138300 MPa
E;. Young’s modulus, longitudinal compressive direction 128000 MPa
Ey; Young’s modulus, transverse tensile direction 10400 MPa
E;c Young’s modulus, transverse compressive direction 11500  MPa
G12=Gj3  Shear modulus 5190 MPa
Vi2 Poisson ratio, 1-2 direction 0.316 -

Vo3 Poisson ratio, 2-3 direction 0.487 -

Yr Matrix tensile strength 87 MPa
SLo.29 Matrix 0.2% offset shear strength (estimated) 50 MPa
SLo sy Matrix 0.5% offset shear strength (estimated) 60 MPa
SLsy, Matrix 5% offset shear strength 90 MPa

3.2.2 SPECIMEN DESIGN

The specimen design is the same for all interlaminar tests and the specimens are machined
from a single AS4D/PEKK-FC laminate that consists of 30 unidirectional 0-degree plies. The
specimens are designed to be 25 mm wide and 225 mm long. The benefit of this specimen
design with increased length is, that during the start of the test campaign, both the mode
I and II fracture toughness can be tested on a single specimen. This can be helpful for
characterization of materials of which the fracture properties are not yet known. Without
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good estimations of the fracture properties, it may be difficult to set the correct initial crack
length or span during these tests to achieve stable crack propagation. Furthermore, it also
allows for some flexibility in testing higher toughness materials that may require a large
span or clamping length during mode II and mixed-mode testing. However, for the actual
propagation tests, it is recommended to only perform a small pre-crack to ensure that the
crack front remains straight and without a fully developed fracture process zone. Due to
the high processing temperature (377 °C, [61]) of thermoplastic composites, a 12.5 ym thick
UPILEX foil is used as insert to start the crack. The length of this insert is 60 mm. The
UPILEX foil is pre-treated with Frekote 700NC release agent to prevent contamination and
allows for easy removal prior to testing. The benefit of this approach is that a single insert
with a very small thickness can be used, thus guaranteeing a sharp as possible initial crack

tip.

3.2.3 MODE I - DOUBLE CANTILEVER BEAM TEST
The Double Cantilever Beam (DCB) test is performed to characterize the pure mode I
fracture toughness at both the Delft University of Technology (TU Delft) and AMADE
testing facilities of the University of Girona (UdG). The DCB tests at TU Delft follow the
ASTM test standard [83] and loading blocks are bonded to load the specimens. In total,
five tests are performed with an initial crack length of ay = 40 mm. The test configuration
of the DCB test is shown in Figure 3.2.2a and the experimental setup at UdG is shown in
Figure 3.2.2b. The DCB tests at UdG follow the ISO 15024 test standard [89] and the side-
clamp beam [90] hinges are used to load the specimens, where the initial crack length is
ap = 48 mm. As illustrated in Figure 3.2.2a, the load-application point on the loading-blocks
effectively reduces the crack length from the insert size of 60 mm to ao. In additions to
the five propagation test at TU Delft, several pre-cracks and three propagation tests are
performed at UdG. The crack length during these additional propagation tests is closely
monitored using the system as shown in Figure 3.2.2b. A high resolution camera is used
to monitor the crack length. Due to the limited field of view during close-up, a servo
controlled system is used to follow the crack tip. The specimens are tested on a tensile
testing machine, at a displacement rate of 1 mm/min. Rotation is measured by means of
inclinometers. However, this data has not been used in the analysis and is not required for
the proposed methodology. This also applies for all the other test configurations shown in
this paper.

The Corrected Beam Theory (CBT) is used for the experimental data reduction method
following the ISO 15024 test standard [89]. Following this method, the critical mode I

energy rate Gyc is:
3PS F
Giec=——| = 3.1
e 2b(a+A)<N> (3.1)

where P and § are the load and displacement, a is the total crack length during crack
propagation and b is the specimen width. Furthermore, correction factors are used in the
method, where F corrects for large displacement, N corrects for stiffening of the specimen
by the loading blocks and A is a correction factor for crack tip rotation and deflection [89].

The experimental results are also compared to the analytical LEFM solution. For the
Young’s modulus Eq; and Ej,, the average of tension and compression from Table 3.2.1 is
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Figure 3.2.2: DCB test setup at UdG AMADE lab: a) DCB test configuration and geometrical parameters; b) Test
setup with camera and control system for crack monitoring.

used. The analytical solution uses the equations for the compliance C and the Gy, [91],
which can be re-rewritten to calculate the force P and displacement §:

Grcb?*h3E;
P= |— 2
\| 12(a+ yh)? 5.2
B 8P(a +)(h)3

bh3Eyq
The crack tip correction y is derived in Eq. (3.4) as

2
Ei r
= 3-2 — 3.4
X llGlg{ <1+F> } ( )

where I' is the transverse modulus correction parameter defined as

VEILE
=118 11722 (3.5)
Gis
In the elastic domain the load is used as input and Eq. 3.3 to calculate the corresponding
displacement for a given initial crack length ay. During propagation the crack length a is

gradually increased, for a known G, to calculate both the force and the displacement.

) (33)

3.2.4 MobE II - END-NOTCHED FLEXURE TEST

The End-Notched Flexure (ENF) test [92], consists of a three point bending setup of a
specimen that is cracked on one of its ends. Nowadays this test is adapted to characterize
the mode II interlaminar fracture toughness. The test is standardized in ASTM D7905 /
D7905M [84] and is commonly used due to its simplicity. Figure 3.2.3a shows the ENF test
configuration. The test setup at TU Delft including the camera to monitor the crack tip is
shown in Figure 3.2.3b. Tests are performed in order to determine the test configuration
that would provide stable crack propagation in mode II. The initial tests were performed
using a span of 2L = 100 mm following the test standard. This made it difficult to achieve
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stable crack propagation due to the large fracture process zone. To solve this, the test
configuration is adjusted to 2L = 130 mm. The different results and settings to mitigate the
large fracture process zone are further discussed in section 3.3.2.

Figure 3.2.3: ENF test setup at TU Delft lab: a) ENF test configuration and geometrical parameters; b) Test setup
with camera system for crack monitoring.

Most data reduction methods [84] depend on accurate measurements of the crack length
during propagation. It is however difficult to measure this due to the development of a large
fracture process zone ahead of the crack tip. The Compliance-Based Beam Method (CBBM)
proposed by de Moura [75] can be used to avoid this. The measured initial compliance Co.
and initial crack length gy are used to obtain an apparent longitudinal modulus E;,

B 3a(3) +2I3

E, =0 =
18" 8 bh3Cy,

(3.6)
Using the apparent modulus following [75] leads to
1
C. 5 (Ce 2|3
- -1 )= 3.7
“ [COca0+(C0c ) 3 ] e

where C, is the measured compliance. Further combining the equations from [75] results
in the mode II fracture toughness Gy

2
9P?Cy, C 5 [ C 21313
Girje= ————=< -1)— 3.8

e 2b(3(18 + 2L3) [ C()C G+ C()C 3 ( )

The experimental results are also compared to the analytical solution. In this case,
the measured compliance is not available so a solution based on linear elastic fracture
mechanics is followed. For this solution, the ENF load-displacement curve is divided into
three parts. The load P is used as input for the first and third part and is gradually increased,
while during crack propagation the crack length a is used as input to calculate both the load
and the displacement. The crack length is corrected following [93], where y is calculated
from Eq. 3.4.

The load-displacement during the linear part is calculated by Eq. 3.9 and 3.10 using a = a.
The second part during crack propagation if a < L:
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\JGr1c16b2h3Ey;

p=-—" 3.9
9(a+0.42yh)? (3:9)
3(a+0.42yh)3 + 203
5=P SHIOEL (3.10)

and the third part where the crack has reached the load introduction if a >= L:

16 GireEy b*h%)2
P <2L3_(3H11)2 (3.11)

d=
2E,, bh3 4 \/3p3

3.2.5 MoDE II - CALIBRATED END LOADED SPLIT

The ENF test showed some difficulties due to the large fracture process zone of the ther-
moplastic material, therefore the material is also characterized using the Calibrated End
Loaded Split (CELS) test method so that the results can be compared. The CELS specimen
with the corresponding geometrical parameters is shown in Figure 3.2.4a and the test
setup at the UdG lab is shown in Figure 3.2.4b. The CELS test is performed in a test rig
specifically designed according to the ISO 15114:2014 [85] test standard. A loading block
is bonded at the cracked end of the beam and an upward displacement is applied at the
edge of the loading block. The other end of the beam is clamped, however this clamping
is not fully constrained and allows for some sliding. The effect of the clamping system
has to be calibrated so that an effective increase in beam length can be determined, as if
the beam would be fully clamped. For this calibration procedure, the specimen is clamped
and tested at several positions: 50,60,70,80,90 and 100 mm. The crack propagation test is
performed at a clamp length of 100 mm with an initial crack length of 56 mm. The crack
length during propagation is measured using the same camera system as shown in Figure
3.2.2b.

a)

Figure 3.2.4: CELS test setup at UdG AMADE lab: a) CELS test configuration and geometrical parameters; b) Test
fixture and specimen.

The experimental results are evaluated using the procedure according to the test method
[85], where the compliance of the CELS specimen is given by:
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C- é _ 3((18)3 +(L+ Aclamp)3

P 2bh3E,

where L, b and h are the span length, the width of the specimen and half of the specimen

thickness, respectively. Ey is the apparent bending modulus and a, is the effective calculated

crack length. The A;jmp was introduced by Hashemi [91] to account for rotation and

deflection at the clamp point. The parameters Ajymp and Ej, are measured according to the

compliance calibration described in the test standard [85]. The Gjj¢ fracture toughness is
determined from

(3.12)

9P2q?
Gic=——+ 3.13
e = e (.13
where the apparent crack length a, is derived from equation (3.12) as
1 3 3,\3
o= (5{2bCH By~ (L+ Aetamy)'}) (3.14)

The experimental results are also compared to the analytical solution. The equations
that are used to predict the CELS test are based on the CBT solution where the crack length
is corrected (a = a+0.42yh) [93] and the beam length L is increased by the clamp correction
factor A¢jgmp. This can also be estimated by 2yh (assuming yo = y) [93], however it was
found that this underestimates the clamp correction by approximately 5 mm, which highly
influences the analytical prediction. The displacement in the elastic part can be derived by
gradually increasing the load and by using a, in Eq. 3.16. The load and displacement during
propagation are calculated by increasing the crack length for a known Gjj, following:

Gric4b2h3E
p. | GueAb*h’En (3.15)
9(a+0.42yh)?

P(3(a+0.42yh)® +(L+ Aclamp)3)
S=
2bh3E;,

(3.16)

3.2.6 MixEp-MODE BENDING 50%

The Mixed-Mode Bending (MMB) test [65] is used to characterize the fracture toughness
under mixed-mode loading conditions. This test has been standardized in the ASTM
D6671/D6671M-19 [86]. The MMB specimen with the corresponding geometrical parame-
ters is shown in figure 3.2.5a and the test setup at the UdG AMADE lab is shown in 3.2.5b.
The same camera system as shown in Figure 3.2.2b is used to monitor the crack propagation.
The mode mixity in this work is fixed to a ratio of 50% and only a single mode mixity is
tested. The specimen has a pre-crack of length ay = 40 mm, which is pre-cracked for a few
millimeter in mode I by means of the DCB test. Loading blocks are bonded to the specimen
in order to clamp the bottom lever and load the upper lever as shown in figure 3.2.5. The
span of the MMB50 test is set to 2L = 130 mm to prevent interaction of the center load
introduction point with the fracture process zone as observed during the mode II ENF test.
The length of the lever arm, c, is set to 54.4 mm. The force due to the weight of the rig
(Pg) is 9.129 N and the center of gravity (c,) for the 50% mixed-mode test is at 12.95 mm.
The modulus, width and thickness of the metal calibration specimens are E.;; = 200 GPa,
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beqr = 25.4 mm and t,,; = 6.21 mm respectively. Following the test standard [86], this can
then be used to calculate the system compliance and the bending stiffness of the laminate

Eyf.

Figure 3.2.5: Mixed-mode bending 50% setup at UdG AMADE lab: a) MMB50 test configuration and geometrical
parameters; b) MMB test fixture and specimen.

The mixed-mode fracture toughness is calculated by accounting for the weight of the
test rig through Eq. (3.17) and (3.18), but the influence is found to be neglectable (1-2%) for
the 50% mixed-mode test.

_12[P(3c- L)+ Py(3c; - L))

Gr = h)? 3.17

I e, @ (3.17)
9[P(c+L)+Pg(cg+L)]2 9

Gt = 0.42yh 3.18

i 16b2h3L2E1f (a+ xh) ( )

The experimental load-displacement curves are also compared to the analytical solution.
The load-displacement curve for mixed-mode bending can be predicted following the LEFM
equations from [58] that follow the ASTM standard [86]. The load is obtained as:

Ge

P= 4(3c-L)2(a+ yh)2+3(c+ L) (a+0.42h)? (3.19)
sabr2 Eiti®
12
The corresponding displacement is given as:
5e P4(3c -L)?(a+yh)*+(c+L)*[3(a+0.42yh) + 2L°] (3.20)

96p12 L’

The elastic relation before crack propagation is obtained by replacing the crack length a
with the initial crack length ay in the previous equations.
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3.2.7 METHODOLOGY FOR DERIVATION OF COHESIVE LAWS

The traditional data reduction methods, as described in the previous sections, rely on
accurate measurement or estimation of the crack length and do not provide sufficient
information to account for fiber bridging or R-curve effects in the numerical analysis.
These effects can be accounted for through the cohesive law. From literature it is known
that different damage mechanisms can be represented by a different shape of the cohesive
law. Three examples of typical shapes for cohesive laws are shown in Figure 3.2.6. Figure
3.2.6a shows linear softening with is typically used by default when only the fracture
toughness of the material is known. The trapezoidal shape as shown in Figure 3.2.6b can be
used to represent the influence of plasticity as demonstrated by Tvergaard and Hutchinson
[94], where the total energy can be divided into multiple parts (G;, G;) to represent both
plasticity and damage. Instead, different damage mechanisms may also be represented by
superposition of linear cohesive laws to account for R-curve effects as shown in Figure
3.2.6¢ based on the approach of Davila et al. [48]. Davila et al. [48] used this bilinear
shape to distinguish between fiber pull-out and breakage during translaminar failure [95],
while a bilinear shape with a longer tail has been used to represent fiber bridging [79].
However, these simplified cohesive laws are generally not accurate enough to follow the
full R-curve effect and corresponding nonlinearity observed in the load-displacement curve
[79]. The proposed methodology, as shown in Figure 3.2.1, can include the full R-curve

a) b) c)
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Figure 3.2.6: Different shapes of cohesive laws used in numerical analysis to represent different damage mecha-
nisms: a) linear, b) trapezoidal; c) bilinear.

effect and makes use of the inverse method presented by Abdel Monsef et al. [87, 88] to
determine the experimental J-curve and cohesive law. The inverse method minimizes the
error between the experimental and the numerical load-displacement curves by adjusting
the cohesive law parameters. Figure 3.2.7 schematically shows the procedure to extract the
cohesive law where the experimental load-displacement curve is the input and the output
is an experimental J-curve and multilinear cohesive law “staircase type”, also referred to as
the experimental cohesive law in this paper. It should be noted that the method predicts
only the shape of the cohesive law. This information may be used to reason that a specific
damage mechanisms is responsible, study variation in cohesive laws between multiple tests,
or gain insight in how the shape may change for different configurations or environmental
conditions, as the methodology does not require visual tracking of the crack tip [96].
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Figure 3.2.7: Inverse methodology for derivation of cohesive laws, overview of methodology from [87, 88].
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3.2.8 PROCEDURE FOR USER-DEFINED TABULAR COHESIVE LAWS

The next step in the proposed methodology (Figure 3.2.1b) is to process the experimental
cohesive law for use in the numerical analysis, referred to as the numerical cohesive law.
The cohesive law has to be defined by the initial elastic response of the cohesive element,
the damage initiation criteria and the damage evolution. A typical traction-separation law
with linear softening is shown in Figure 3.2.8a. The initial elastic response of the element
is related to the initial slope of the traction-separation curve, which can be related to the
Young’s modulus of the material when a finite thickness is used, for example for adhesives.
For the analysis of delaminations, which are modelled as a zero-thickness interface, this
property is referred to as the penalty stiffness (K in Figure 3.2.8a). The damage initiation is
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Figure 3.2.8: Comparisons of two cohesive laws: (a) low penalty stiffness cohesive law with linear softening; (b)
high penalty stiffness user-defined cohesive law.

defined as the peak traction for each loading mode by using a failure criterion, for example
the max-stress criterion (MAXS). Damage evolution is provided in tabular format and
requires the relation of the separation after damage initiation to the damage variable and
the loading mode. The damage variable, d, is defined as the reduction of the effective
traction due to damage as

d=1-— (3.21)
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where 7 is the traction at a material point, K is the initial elastic stiffness and § is the total
separation defined as § = §° + §4B4QUS a5 illustrated in Figure 3.2.8a. &° is the separation
at onset of damage and §B4QUS the input displacement for the tabular format in Abaqus.
The loading mode, B, is defined as the ratio between pure mode I (defined as 0) and pure
mode II (defined as 1), and has to be defined for each cohesive law that results from the
mixed-mode tests.

It is however difficult to achieve an accurate solution for detailed cohesive laws when
using a high penalty stiffness or when a sudden change in the shape of the cohesive
law are introduced. When a low penalty stiffness is used, the damage variable gradually
increases until full separation is achieved as shown in Figure 3.2.8a. However, when using
a high-penalty stiffness, as shown in Figure 3.2.8b, there is rapid increase in the damage
variable for small separation until the element is nearly fully damaged (d = 0.99). This is
followed by a rapid increase in displacement until the element is fully damaged, which
means high accuracy is required in both damage and displacement. If sudden changes
or complex shapes are introduced in the cohesive law, it becomes even more difficult to
manually define accurate input data. When using a high penalty stiffness, for example

Traction [MPa]

0 0.02 0.04 0.06 0.08 0.1
Separation [mm]

Figure 3.2.9: Single element FEM result to verify tabular cohesive law.

K =10° N/mm?, which is typically used for simulation of delaminations, another difficulty
arises. It appears that Abaqus uses a higher-order interpolation function for cohesive laws
in tabular format, which may cause spurious oscillations if insufficient data points are
defined. A simulation of a single cohesive element that highlights this issue is shown in
Figure 3.2.9 on the same cohesive law as presented in Figure 3.2.8b. When using only
the selected points in the tabular cohesive law, defined as "Input points" in Figure 3.2.9,
spurious behavior is observed. In order to solve this, a procedure is developed that will
guarantee an accurate description of the tabular cohesive law.
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The flow diagram of this procedure is shown in Figure 3.2.10. The input for the
methodology is the shape of the cohesive law which should contain each line segment. The
experimental cohesive law first needs to be simplified or cleaned to ensure the J-curve and
damage variable monotonically increase. This means that typically only small adjustments
are required to directly use the shape of the experimental cohesive law. However, it
was found that a more smooth shape helps convergence as it reduces sudden changes
in stiffness. During this calibration process it is important to ensure a close correlation
with the experimental J-curve, to guarantee that the same amount of energy is dissipated
at each segment of opening displacement. In order to adjust the desired accuracy of

Tabular cohesive law procedure
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Figure 3.2.10: Procedure for user-defined tabular cohesive law

the tabular procedure, a constraint to the maximum increase in damage variable ad,qy
and displacement 28,y is introduced. The damage variable is gradually increased from
0 to 1 by using the maximum damage variable as a step size, and will thus influence the
table size. The resulting penalty stiffness is then calculated from Eq. (3.21) and is used
to calculate the line-segment intersection of the cohesive law. The displacement at onset
of damage (6° = 7%/K) is then subtracted for the displacement at the increment (5;) of
the line-segment intersection in order to calculate the delta displacement. This increase
in displacement (d;ncr) is checked against the constraint. If this criteria is not met, the
increase in damage variable is reduced and the procedure is repeated until the criteria is
met. This value is then saved in tabular format and the damage is further increased. This is
repeated for each cohesive law and loading mode. The FEM result to verify the procedure
on the high-penalty stiffness cohesive law is shown in Figure 3.2.9 by comparing the input
points to the resulting cohesive law. This demonstrates that the cohesive behavior can be
accurately simulated using the tabular approach.
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3.3 EXPERIMENTAL RESULTS

The experimental results for each test are presented and evaluated using the two data
reduction approaches. The load-displacement curves are compared to the analytical solution
for each test and the R-curves are presented. Furthermore, the experimental J-curves
and cohesive laws are processed for the numerical analysis and compared against the
experimental curves.

3.3.1 MoDE I - DoUuBLE CANTILEVER BEAM

All the mode I experimental results including pre-cracking are shown in Figure 3.3.1. As
can be observed in the figure, DCB with different initial crack lengths are performed and
also several pre-crack tests are performed. One typical test is selected for data reduction
in the next section. The relation of this specific test to the other tests is then further
investigated and discussed. The load-displacement curve of the selected test is compared
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Figure 3.3.1: DCB test results, selected test for initial evaluation highlighted.

to the analytical solution in Figure 3.3.2a and the corresponding R-curve is shown in Figure
3.3.2b. The load-displacement curve consists of a pre-crack and a propagation part, which
were tested separately and they are compared to the analytical solution using gy = 48 mm
and Gy, = 1.12 kJ/m?. The first marker on the curve indicates the NL point’ (first deviation
from linear portion of curve) and all other points represent visible observations of crack
growth and are indicated as 'PROP’. The same points are plotted in the R-curve with their
corresponding calculated fracture toughness from the data reduction method. The initiation
fracture toughness is approximately 0.7 kJ/m* and the propagation fracture toughness
1.12 kJ/m?. The resulting experimental J-curve and cohesive law that are determined
using the inverse method are shown in Figure 3.3.3a and b, respectively. For reference, the
processed numerical J-curve and cohesive law which will be used as input for the numerical
analysis are also given.
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Figure 3.3.2: DCB test result: a) Load-displacement vs analytical solution (LEFM), nonlinear (NL) and crack
propagation points (PROP); b) R-curve with propagation points.
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Figure 3.3.3: DCB data reduction, experimental and numerical curves: a) J-curve; b) Cohesive law.

When taking a closer look at Figure 3.3.3a it is found that the experimental results
show a plateau in the J-curve and an increase in fracture toughness at a crack opening
larger than 0.5 mm. In the cohesive law of Figure 3.3.3b, this effect is visible as the long
tail, while most of the energy dissipates at the start of the cohesive law. This effect can
also be observed experimentally as shown in Figure 3.3.4a. The experiment shows large
scale fiber bridging and many broken fibers on the fracture surface. The fracture surface is
also investigated by means of Scanning Electron Microscopy (SEM) at UdG. This is shown
in Figure 3.3.4b with a magnification of 300x, and shows pull-out of large fiber bundles
on the fracture surface. A close-up using 1000x magnification in Figure 3.3.4c of a fiber
bundle highlights extensive polymer drawing out in the plane normal to the fiber direction
and a large presence of polymer material on the fibers.

The influence of fiber bridging is investigated further by comparing several DCB tests.
This comparison is shown in Figure 3.3.5a and all tests show a consistent initiation fracture
toughness of approximately 0.7 kJ/m?, independent of initial crack length. However, the sec-
ond test (Figure 3.3.5a, DCB 2) achieves a propagation fracture toughness of approximately
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Figure 3.3.4: Experimental evidence of fiber bridging: a) Fiber bridging and broken fibers during DCB test; b)
SEM fracture surface showing pull-out of large fiber bundles; ¢) SEM close-up on fiber bundle.

0.95 kJ/m?, which may suggest a smaller influence of fiber bridging. This is confirmed
by comparing the experimental J-curves and cohesive laws. This comparison is shown
in Figure 3.3.5b, where the scale of the experimental cohesive law is adjusted to zoom
in on the tail. It is shown that, as the opening displacement increases, the propagation
fracture toughness of the first test increases to approximately 1.12 kJ/m? (I). This increase
in energy can also be observed in the experimental cohesive law, which makes it apparent
that energy is being dissipated due to fiber bridging (II). However, this is not the case for
the second test, which reaches a plateau in the J-curve and no dissipation of fracture energy
is observed in the tail of the cohesive law (III).
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Figure 3.3.5: Fiber bridging influence on Mode I: a) DCB tests with two selected results and comparison against
analytical solution of Gc = 0.7 kJ/m? and 0.95 kJ/m?; b) Corresponding J-curve and cohesive law for both tests
with identification of initiation and fiber bridging Ge.

The plateau in the J-curve of Figure 3.3.5b suggests that scatter in the propagation
fracture toughness may be mostly influenced by the amount of fiber bridging, and that fiber
bridging may not play an important role for small cracks (< 0.5 mm opening displacement).
The proposed methodology could be used to further investigate scatter in the interlaminar
properties and establish a lower, mean and upper-bound J-curve. The J-curve can then
be used to treat variation in different parts of the cohesive law separately. This insight
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may be used to support studies on uncertainty quantification related to variability of the
interlaminar behavior. It should also be noted that discarding the pre-crack part of the
load-displacement curve and using only the propagation value in the numerical analysis
would be unconservative for small cracks.

3.3.2 MobE II - END-NOTCHED FLEXURE

The interlaminar properties for mode II are characterized by means of the End-Notched
Flexure (ENF) test. The result of three ENF tests are shown in Figure 3.3.6 and are compared
against the analytical solution. The first (1) two tests are performed following the test
standard with a span of 100 mm and initial crack length of qy = 40 mm. Very little stable
crack propagation is measured because of the large fracture process zone that interacts
with the load introduction point. Significant shear deformation is observed over a large
area. However, the exact size is difficult to determine which support the choice of using
an effective crack length during the data reduction instead. Interaction with the load
introduction point is also well predicted by the third part of the analytical solution of the
ENF test in Equation (3.11). In order to mitigate this issue, the test setup is adjusted (2) to
dp = 45 mm and span of 2L = 130 mm. The specimens are pre-cracked in mode I prior to
testing. For both configurations a good correlation with the analytical solution is found.
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Figure 3.3.6: ENF experimental results versus analytical solution.

This highlights that it is difficult to achieve stable crack propagation with the ENF tests
for materials that develop a large fracture process zone such as thermoplastic composites. In
literature, a value of a/L > 0.7 is typically suggested [43] to achieve stable crack propagation.
While testing at a small a/L ratio results in unstable crack growth [97]. The downside
to a too large a/L is that it reduces the available room to develop the fracture process
zone before achieving stable crack propagation (L - a). During the first test in Figure 3.3.6,
the configuration was a/L = 0.8 and L - a = 10 mm which is found to be insufficient. The
configuration of the second test was a/L = 0.7 and L - a = 20 mm and worked well, thus
achieving a full development of the fracture process zone. The lower bound related to



3.3 EXPERIMENTAL RESULTS 53

unstable crack propagation is not investigated, but it is likely that configurations in the
range of 0.65 < a/L < 0.75 would provide good results for this material system.

The load-displacement of the ENF test is compared in Figure 3.3.7a against the analytical
solution (ay = 45 mm and span = 130 mm) for Gy, = 2.35 kJ/m?. The initiation fracture
toughness appears to be rather low and similar to the mode I initiation value. This is shown
in the R-curve of Figure 3.3.7b for both the DBT [75] and CBBM data reduction method
from equation (3.8).
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Figure 3.3.7: ENF test result: a) Load-displacement vs analytical (LEFM), nonlinear (NL) and crack propagation
points (PROP); b) R-curve with propagation points for both the DBT and CBBM data reduction method.
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Figure 3.3.8: ENF data reduction, experimental and numerical curves: a) J-curve; b) Cohesive law.

The calculated crack length from the CBBM method results in a different crack length
compared to what is visually observed. However, the propagation fracture toughness is
nearly identical, with the benefit that no visual observation of crack propagation is required
when using the effective crack length method. The resulting experimental J-curve and
cohesive law are shown in Figure 3.3.8a and b, respectively. For reference, the processed
numerical J-curve and cohesive law which are then used as input for the numerical analysis
are also given.
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3.3.3 MoDE II - CALIBRATED END LOADED SPLIT

The interlaminar properties for mode II are also characterized by means of the Calibrated
End Loaded Split (CELS) test. Experimental results for the three CELS tests are shown in
Figure 3.3.10a. The tests are performed at a clamp length of 100 mm. The load-displacement
of one CELS test is highlighted in Figure 3.3.10a and compared against the analytical LEFM
solution. From the calibration, a clamp correction of 13.64 mm and a bending modulus of
134 GPa is calculated. The compliance, C, of the individual tests at different clamp lengths
is plotted in Figure 3.3.9 using C'/3 to calculate Aciamp at the intercept of the regression
line.
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y =0.0025x +0.0341
R?=0.9997

CY3 [mm/N]/3

.00
-20 0 20 40 60 80 100

Lejarmo = 13.64 mm L [mm]

clamp

Figure 3.3.9: CELS test calibration results and calculated clamp correction Lejgmp

The R-curve using both the visual and effective crack length is shown in Figure 3.3.10b.
The effective crack length method results in a significantly higher crack length and fracture
toughness compared to using the visual crack length in equation 3.13. The propagation
fracture toughness of the effective crack data reduction method shows a good correlation
with the LEFM solution from equation 3.15 and 3.16, and accounts for both the crack tip
and clamp correction.

The resulting experimental J-curve and cohesive law are shown in Figure 3.3.11a and b,
respectively. The calculated fracture toughness based on the effective crack length shows
a good match with LEFM (Gyy, = 2.35 kJ/m?). The experimental J-curve and cohesive law
are determined using a total length including clamp correction of L+ Acjqpmp = 113.6 mm
in the inverse method. It is observed that at an opening displacement of 0.15 mm the
J-curve reaches a plateau around J = 2.35 N/mm and the cohesive law approaches zero.
After some more crack opening the energy further increases. This effect is also visible
on the load-displacement and R-curve and is consistent with the data reduction method
based on the effective crack length in terms of fracture energy. For reference, the processed
numerical J-curve and cohesive law from the ENF test (Figure 3.3.8) are also given and it
shows that they are nearly identical. This demonstrates that the J-curve is independent of
the test configuration and consistent behavior between the two tests is found, even though
the tests are performed at different test facilities.
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Figure 3.3.10: CELS test result: a) Load-displacement vs analytical (LEFM), nonlinear (NL) crack propagation
points (PROP); b) R-curve with propagation points using visual (PROP a) and effective crack length (PROP a_e)
with clamp correction.
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Figure 3.3.11: CELS data reduction, experimental and numerical curves: a) J-curve; b) Cohesive law.

3.3.4 MIXED-MODE BENDING 50%

The interlaminar properties for mixed-mode behavior are characterized by means of the
Mixed-Mode Bending (MMB) test. The load-displacement curves of three MMB tests at
50% mode I-II are shown in Figure 3.3.12a. The load-displacement curve of one of the
MMB50 tests is compared against the analytical LEFM solution using a initial crack length of
ag = 40 mm, Gy, = 1.12kJ/m?, Gy = 2.35 kJ/m? and a BK-coefficient [57] of 2.9, which results
in a mixed-mode fracture toughness of 1.27 kJ/m?. This comparison is shown in Figure
3.3.12a, which matches well with the R-curve presented in Figure 3.3.12b. It is observed in
the R-curve that after some crack propagation, the calculated fracture toughness reduces,
which may be caused by interaction of the fracture process zone with the load-introduction
or changes in mode-mixity during crack propagation.
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Figure 3.3.12: Mixed-mode bending 50% test result: a) Load-displacement vs analytical (LEFM), nonlinear (NL)
crack propagation points (PROP); b) R-curve with propagation points.

3.3.5 FRACTOGRAPHIC INVESTIGATION

A fractographic investigation using SEM is performed to provide insight into the interlam-
inar damage mechanisms during Mode I, Mixed Mode I/II at 50:50 and Mode II loading
conditions. The SEM micrographs at different magnifications for each loading mode are
presented in Figure 3.3.13. Experimental evidence of fiber bridging by means of SEM
micrographs is already presented in Figure 3.3.4. The Mode I fracture surface of a ma-
trix rich location is shown in Figure 3.3.13a and b. Extensive polymer drawing out in
the plane normal to the fiber direction is observed. At several locations this occurred
in circular patterns and signs of plastic deformation are present. The circular pattern in
the fracture surface, and signs of patterns in the fiber beds, may suggest a relation of
the matrix-dominated failure mode with the crystallization kinetics of the thermoplastic
polymer matrix as they appear to be similar is size [98]. During loading in Mixed Mode
I/II at 50:50 the presence of plastic deformation is even more pronounced and occurs at
an angle to the fiber direction as shown in Figure 3.3.13c and d. The change in angle is
further confirmed by the CELS Mode II fracture surface as shown in Figure 3.3.13e and
f, which features polymer drawing out and extensive plastic deformation in the plane of
the delamination. The SEM micrographs confirm the absence of fiber bridging in Mixed
Mode I/II at 50:50 and Mode II loading conditions. These observations are in line with
Carlsson et al. [43] who compared the fracture surface in mode I and II of epoxy matrix
and PEEK thermoplastic matrix composites, and found very brittle behavior showing bare
fibers and a small degree of polymer deformation for the epoxy matrix composites in mode
I, and extensive hackling in mode II. The presence of plastic deformation in both his and
the present work confirms that energy dissipation due to plastic deformation plays an
important role in the interlaminar fracture behavior.
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Figure 3.3.13: SEM micrographs of fracture surface at different magnifications: a) Mode I 1000x; b) Mode I 3000x;
¢) Mixed Mode I/I at 50:50 700x; d) Mixed Mode I/II at 50:50 3000x; ) CELS Mode II 700x; f) CELS Mode II 3000x.
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3.4 ANALYSIS AND DISCUSSION

Numerical analyses of the Double Cantilever Beam (DCB), End-Notched Flexure (ENF),
Calibrated End Loaded Split (CELS) and Mixed-Mode Bending 50% (MMB50) tests have been
simulated by using the commercially available finite element software ABAQUS/Standard.
The result of both data reduction approaches as defined in Figure 3.2.1 are simulated in
order to verify the derived interlaminar behavior and analysis methodology. The specimens
are modelled by using two-dimensional plane strain elements (CPE4I) for the composite
laminate and COH2D4 cohesive elements for the interface. A fine mesh of 0.1 mm is used
to ensure that sufficient elements are within the fracture process zone [99]. The rolling
conditions of the CELS test are not modelled, instead the beam length is increased by the
clamp correction length and fixed. The values for the relevant geometric parameters that
are used in the numerical analysis are summarized in Table 3.4.1 and the geometry follows
the configurations as specified in Section 3.2.

Table 3.4.1: Summary of geometric parameters used in the numerical analysis.

w 2h ap L Letamp c
Test [mm] [mm] [mm] [mm] [mm] [mm]
DCB 25 4.2 40/ 48 100 - -
ENF 25 4.2 40 65 - -
CELS 25 4.2 56 100 13.64 -
MMB50 25 4.2 40 65 - 54.4

The elastic material properties that are used in the analysis are specified in Table 3.2.1.
For the Young’s modulus E;; and Ej;, the average of tension and compression is used.
The initiation strength values of the numerical cohesive laws are based on the prediction
from the experimental cohesive laws and are aligned to the strength values reported in
[12]. Therefore, the mode I initiation strength is set equal to the matrix tensile strength
Yr of 87 MPa. However, the mode II initiation strength is not set equal to the matrix 5%
offset shear strength S;. Damage initiation in mode II occurs at a much smaller shear
strain [100], therefore the mode II initiation strength value is set to the 0.5% offset shear
strength of approximately 60 MPa. The value is estimated from the nonlinear parameters
and equations in [12]. For the penalty stiffness of the interface, a value of K = 10° N/mm3
is used. Considering the amount of plastic deformation on the fracture surface in Figure
3.3.13, and predicted initiation strength by the inverse method in the range of 45-60 MPa, it
becomes apparent that a large portion of the fracture energy at the start of the cohesive law
is likely due to plastic deformation. Depending on the choice of shear initiation strength,
this would results in either an exponential or trapezoidal shape of the cohesive law. In the
current work, an exponential shape is assumed. It is also expected that constraining effects
of different fiber orientations on plasticity may need to be considered. However, this is
not included in the present study. In Section 3.3.1 it is shown that fiber bridging has a
significant influence on the mode I fracture toughness. It is concluded that the propagation
fracture toughness without the influence of fiber bridging is approximately 0.95 kJ/m?
and no clear signs of fiber bridging are observed during evaluation of the mode II and
mixed-mode 50% test. This means that the BK-coefficient [57] for mixed-mode behavior
could be calculated with or without the influence of fiber bridging for simulations that
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do not take into account R-curve effects. The BK-coefficient with the influence of fiber
bridging is 2.9 and without is 2.1. The cohesive laws derived for Mode I and II as defined
in section 3.3 are implemented into a single material card in tabular format, considering
the mixed-mode behavior. It is assumed that the shape of the mixed-mode 50% follows an
exponential form, similar to mode II, while respecting the mixed-mode fracture energy
and initiation stress according to the BK-criterion including fiber bridging. A summary of
the numerical cohesive laws and corresponding J-curves are given in Figure 3.4.1.

T [MPa]
J [N/mm]

0.00 0.02 0.04 0.06 0.08 0.10 0.12 0.14 0.16 0.18 0.20
6 [mm]

Figure 3.4.1: Summary of numerical cohesive laws and corresponding J-curves.

The simulation results of using both tabular and linear cohesive laws are compared
against the experimental load-displacement and analytical solutions in Figure 3.4.2 for all
the different test configurations. The results for the DCB simulation are shown in Figure
3.4.2a and the simulation using the tabular cohesive law matches the experimental load-
displacement curve and the R-curve effect with high accuracy. When using the traditional
data reduction approach and only the propagation fracture toughness in the numerical
analysis, similar results as the analytical LEFM solution are achieved. This means that the
numerical results will be inaccurate and unconservative for cracks smaller than 15mm as
also indicated by the R-curve in Figure 3.3.2.

Simulating the mixed-mode bending 50% test using linear softening and low initiation
strength in mode II, results in early propagation and inaccurate predictions, as explained
in more detail in [76] and is solved by setting the shear initiation strength to the 5% matrix
shear strength S; = 90 MPa. This results in the correct propagation behavior as shown
in Figure 3.4.2b, but no R-curve effect is observed. Initially, the mixed-mode bending
50% test also showed some issues for the tabular approach. A large mismatch during
propagation as indicated by the red dotted line in Figure 3.4.2b is observed. It is found
that this may be caused by the large difference in shape of the mode I and II cohesive laws
due to fiber bridging, which may result in incorrect interpolation for the modes that are
not included in the tabular format. Fiber bridging was not observed during the MMB50
test, however the exact mode-mixity at which this effect is not present anymore is not
determined experimentally, but it is assumed to be close to mode L. It is there decided to
insert another cohesive law at a mixed-mode of 10% to cut the fiber bridging contribution
from the total fracture toughness.
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Figure 3.4.2: Experimental versus numerical results: a) Mode I - Double Cantilever Beam; b) Mixed-Mode Bending
50%, dotted line excluding B=0.1 cohesive law; c) Mode II - End-Notched Flexure; d) Mode II - Calibrated End
Loaded Split.

It was found that the J-curve of the 10% and 50% cohesive laws need to reach their
propagation values according to BK [57] at a much shorter opening displacement compared
to mode 1. From this it can be concluded that the BK interpolation is valid for the total
energy, but not for the individual parts of the J-curve as shown in Figure 3.4.1. The
difference between including the additional cohesive law at 10% mode mixity (B=0.1) is
further investigated using the MMB50 test. It is found that a significant change in the
size of the fracture process zone is observed and also a large difference in mode-mixity as
damage progresses. This is shown in Figure 3.4.3 which shows the ABAQUS field output
mode mix at damage evolution (MMIXDME) for the two different configurations. Therefore,
it would be beneficial to perform additional experimental tests at different mode mixity,
but it also demonstrates that the new tabular approach can be used to easily estimate the
intermediate shapes of the cohesive law and it is not constrained to a fixed mixed-mode
interaction for the whole J-curve.
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Figure 3.4.3: Mixed-mode bending 50%, mode mixity in fracture process zone: a) Tabular cohesive law excluding
B=0.1; b) Tabular cohesive law including B=0.1.

It is also shown that both the ENF and CELS test can be predicted using the same
cohesive law by comparing the numerical analysis with the experimental results in Figure
3.4.2c and d, thus showing that the cohesive law is independent of the test configuration.
Using the low initiation strength already predicts part of the initial nonlinearity in the
ENF load-displacement curve as shown in Figure 3.4.2c, and using the tabular cohesive law
further improves this. For the CELS test, as shown in Figure 3.4.2d, the numerical analyses
predicts the average of the experimental load-displacement curves with an improvement in
the initiation when using the tabular approach. Summarizing, it is concluded that by using
the proposed methodology the experimental load-displacement curves can be accurately
predicted for all four tests, while using only a single material card as input.
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3.5 CONCLUSIONS

The interlaminar behavior of AS4D/PEKK-FC thermoplastic composites is characterized
and analyzed during quasi-static loading, while considering fiber bridging and R-curve
effects. Mode I, I and Mixed Mode I/II at 50:50 experimental tests and numerical analyses
are performed on the Double Cantilever Beam, End-Notched Flexure, Calibrated End
Loaded Split and Mixed-Mode Bending 50% test configurations. Mode II testing with the
End-Notched Flexure test method appeared to be difficult due to the large fracture process
zone, but this could be adjusted for by using a larger span and a different initial crack length.
Scanning electron microscopy is performed to provide new insights into the interlaminar
damage mechanisms present in this large fracture process zone. The SEM micrographs
confirmed the presence of large scale fiber bridging and significant plastic deformation is
observed in the thermoplastic polymer matrix. The SEM micrographs also confirmed the
absence of fiber bridging in Mixed Mode I/II at 50:50 and Mode II loading conditions and
suggests that polymer crystallization plays and important role in the matrix-dominated
behavior. A new data reduction approach based on only the load-displacement is validated
on thermoplastic composites. This approach provides a convenient way of evaluating
the experimental data, especially when it is difficult to accurately monitor the crack tip
experimentally due to the large fracture process zone. By using this new approach it is also
found that the cohesive laws of the Mode II tests were nearly identical, which confirms
that the cohesive law is indeed independent of the test configuration. It is also shown that,
even though both mode I and II tests were performed in different labs with different testing
methods, reproducible results are obtained. Furthermore, a new procedure is developed
to implement user-defined cohesive laws in commercial finite element software, without
the need for user-subroutines. The procedure ensures an accurate solution, even when a
high penalty stiffness and/or rapid changes in shape of the cohesive law are present. The
use of these new methods also provides new insights into the role of fiber bridging on the
mixed-mode interlaminar behavior. Especially in mode I, a large influences in the fracture
toughness is found, while the initiation fracture toughness is found to be rather low. As
fiber bridging is not present during all mode I tests, it is considered to be a likely source
of scatter in the propagation fracture toughness. It is also found that fiber bridging only
contributed when sufficient crack opening is present. This makes accounting for the full
cohesive law important, especially for small cracks that do not benefit from this increased
mechanical property. Mixed Mode I/II at 50:50 and Mode II loading conditions also showed
low initiation fracture toughness values. However, the initiation strength values from
the experimental cohesive laws were found the be in line with the low shear initiation
strength measured during during cycle in-plane shear loading from literature. The means
the shear initiation strength is close to the 0.2% or 0.5% off-set shear strength. The resulting
mixed-mode tabular cohesive laws are successfully implemented into a single material
card for the numerical analysis and allows to obtain good correlation for all the different
experimental test configurations.
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EXPERIMENTAL AND NUMERICAL
EVALUATION OF CONDUCTION
WELDED THERMOPLASTIC
COMPOSITE JOINTS

The capability of joining two thermoplastic composite parts by welding is a key technology
to reduce the weight and cost of assembled parts and enables high volume manufacturing of
future aeronautical structures made of thermoplastic composite materials. However, there is
not much experimental understanding of the mechanisms involving welded joint failure, and
the computational tools available for the simulation of thermoset composites have not yet been
completely assessed for thermoplastic materials. In this work, a numerical and experimental
evaluation is performed to investigate the strength and failure behavior of conduction welded
thermoplastic composite joints. A welded single lap shear joint is designed, manufactured,
tested and analyzed proposing two distinct modelling approaches. A simplified modelling
strategy which only accounts for damage at the weld is compared to a high-fidelity model which
can take into account the physical failure mechanisms at the lamina level. The high-fidelity
modelling methodology is able to predict the experimental failure mode of the investigated
welded joints with high accuracy and is used to gain new insights into the key-variables that
influence the strength of thermoplastic welded joints. It is also found that the joint strength is
highly influenced by the failure mechanisms not only of the welded interface but also of the
surrounding plies.

This chapter is based on [3B.H A H. Tijs, M. H. J. Doldersum, A. Turon, J. E. A. Waleson, and C. Bisagni.
Experimental and numerical evaluation of conduction welded thermoplastic composite joints. Composite Structures,
281:114964, 2 2022.
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4.1 INTRODUCTION

The use of thermoplastic composite materials is gaining momentum in the transportation
sector due to their improved mechanical properties, ‘unlimited’ shelf life and offers a
number of advantages that can benefit cost-efficient and high-volume manufacturing.
One of the main manufacturing techniques that enables this is thermoplastic welding.
Joining of two parts is achieved by locally melting the material through application of
heat and pressure. As a consequence of this local heating, very short processing times
can be achieved (seconds to minutes) compared to typical manufacturing processes such
as autoclave-, oven- and press-consolidation. The most established joining techniques
for continuous fibre reinforced thermoplastic composites are resistance, induction and
ultrasonic welding [1]. The welding technique investigated in this work is conduction
welding (Patent [10]), which is currently under development at Fokker/GKN Aerospace
[8, 9]. Conduction welding is based on heating the surface of the part through an induction
heated tool and generating the weld bath by heat conduction through the laminate. The
benefit of this technique is that it does not require addition of welding specific materials
such as energy directors or conductive strips. Furthermore, the technique is more suitable
and scalable for welding of large parts and allows for absorbing of manufacturing tolerances
like gaps. However, introducing these fastener-free joints also comes with new challenges.
The strength of these highly loaded joints relies on the performance of the thermoplastic
matrix which may be influenced by the welding process. It also needs to be investigated
if the joint strength is influenced by the intra- and interply failure mechanism of the
composite material. This may make it difficult to predict the strength of the welded joints
without the availability of advanced predictive tools.

A popular approach to model failure of joints and interfaces is the Cohesive Zone Model
(CZM). The main advantage of this method is the ability to simulate both the onset and
propagation of damage without the need for an initial flaw. This methodology may provide
to be a convenient method to evaluate the strength of adhesively bonded joints [101-103]
and delaminations [76], but due to the complex failure behavior of welded thermoplastic
composites [4, 104] both inter- and intralaminar failure behavior has to be taken into
account, as also observed for composite bonded joints [105].

Modelling of fracture and damage in composites has been achieved through various
approaches that model the crack in either a discrete or smeared manner. For the discrete
approach, the eXtended Finite Element Method (X-FEM) [29] and similar enriched finite
element-based approaches such as the discrete cohesive crack approach [30] and the
floating-node method [31] have been employed to simulate both intra- and interlaminar
damage with high accuracy but at a high cost of computational efficiency. A methodology
that provides more computational efficiency is Continuum Damage Mechanics (CDM).
In continuum approaches, the effect of material degradation due to damage is modelled
in a smeared manner through reducing the apparent stiffness of the material (strain-
softening) inside the fracture process zone. Although strain-softening is not a real physical
phenomenon at the micro-scale of the material, it provides an appealing framework to
simulate the effect of damage at the meso-scale [16]. Continuum damage models are already
used to study the failure behavior of composite plain and open-hole strength coupons [16]
and bolted single lap shear joints [106], however their application to welded composite
joints is rather limited in literature.
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The aim of this chapter is to evaluate the strength and failure behavior of conduction
welded joints and to develop a validated numerical methodology to support the design of
thermoplastic welded joints [15]. Single lap shear specimens are designed and manufactured
by means of a conduction welding robot and are tested at the Fokker/GKN Aerospace
R&D facilities. For the development of the numerical methodology both a simplified and a
high-fidelity approach are proposed. The validity of the modelling strategy is assessed by
comparing the predictions with the experimental results. The numerical approach is then
used to study the most significant material parameters and model assumptions that may
influence the strength and failure modes of these welded joints.

4.2 MANUFACTURING AND TESTING OF WELDED SPECIMENS
The section describes the design, manufacturing and testing of the conduction welded
thermoplastic composite single lap shear joints. The properties of the thermoplastic
composite material are reported first followed by the design of the welding rig and single
lap shear specimen design. The welded joints are then manufactured using a conduction
welding robot and the weld quality is inspected by means of non destructive inspection.
Finally, static tensile tests are performed until failure and the results are reported and
discussed.

4.2.1 THERMOPLASTIC COMPOSITE MATERIAL
The material used in this research is the Solvay (formerly Cytec) thermoplastic polymer
prepreg which consists of a fast crystalizing thermoplastic matrix of poly(ether ketone
ketone) commonly referred to as PEKK-FC, reinforced with the continuous unidirectional
AS4D fiber with a nominal ply thickness of 0.138 mm. The coupons for material properties
characterization are manufactured by means of autoclave consolidation and tested by
Fokker/GKN Aerospace at room temperature ambient conditions and are reported in Table
4.2.1. The Young’s modulus is given in both tensile and compressive direction. In the
analysis, the longitudinal tensile modulus (loading direction) is used, while the average
modulus is used for the transverse direction. For the matrix fracture toughness both
the initiation and propagation values are measured. The longitudinal fracture data are
not measured but are assumed to be the same as for the AS4 fiber reported in [16]. The
longitudinal strength and fracture toughness ratios are assumed to be similar to [44] and
are validated with internal Fokker/GKN Aerospace experimental open-hole coupon data.
From literature it is known that the manufacturing process may significantly influ-
ence the material properties of thermoplastic composites.Parameters such as the local
temperature profile and gradients, heat-up speed, constant time and temperature at the
welded interface, may affect the melting conditions [67] or flow [107] of the polymer
and the cooldown speed may significantly influence the final crystallinity of the material.
Furthermore, thermal residual stress may be introduced during the welding process due to
both the high temperature and shrinkage of the material during cystallization. Sacchetti et
al. [108] showed an increase of factor 2.5 on the fracture toughness by changing the cooling
rates during processing. The main reason can be explained by changes in crystallinity of
the semi-crystalline polymer that can affect the ductility and fracture properties of the
thermoplastic composite material.
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Table 4.2.1: AS4D/PEKK-FC thermoplastic composite material properties

Property  Description Value Unit
Ei; Young’s modulus, longitudinal tensile direction 138300 MPa
Eic Young’s modulus, longitudinal compressive direction 128000  MPa
Ey; Young’s modulus, transverse tensile direction 10400 MPa
Es. Young’s modulus, transverse compressive direction 11500 MPa
G12=Gj3  Shear modulus 5190 MPa
Via Poisson ratio, 1-2 0.316 -

Vo3 Poisson ratio, 2-3 0.487 -

Xr Longitudinal tensile strength 2350 MPa
Xc Longitudinal compressive strength 1621 MPa
Yr Matrix tensile strength 87 MPa
Ye Matrix compressive strength 273 MPa
St Matrix 5% shear strength 90 MPa
ap Ramberg-Osgood fitting parameter 1, non-linear shear ~ 8.5E-10 -

Myl Ramberg-Osgood fitting parameter 2, non-linear shear 5.9 -

Grg Mode I matrix fracture toughness, initiation 0.7 kJ/m?
Gre, Mode I matrix fracture toughness, propagation 1.12 kJ/m?
Girg; Mode II matrix fracture toughness, initiation 1.45 kJ/m?
GHCP Mode II matrix fracture toughness, propagation 2.35 kJ/m?
n Benzeggagh-Kenane coefficient 2.9 -

Gxr Longitudinal tensile fracture toughness 125 kJ/m?
Gxc Longitudinal compressive fracture toughness 61 kJ/m?
fxr Longitudinal tensile strength ratio 0.8 -

fxe Longitudinal compressive strength ratio 0.8 -

foxr Longitudinal tensile fracture toughness ratio 0.3 -

foxe Longitudinal compression fracture toughness ratio 0.3 -

a1 Coeflicient of thermal expansion, longitudinal direction 0.19e-06 /°C
a0 Coeflicient of thermal expansion, transverse direction 3.17e-05 /°C

However, it is shown in [67] that for the material used in this work (PEKK-FC), even
at high cooldown rates (-60 °C/min) the material still achieves high levels of crystallinity
(Xc=27%). This is however, still significantly lower compared to crystallinity (Xc=36%)
measured with very slow cooldown rates (-0.5 °C/min), so some influence on the local
material properties due to changes in crystallinity is expected. Grouve et al. [109] investi-
gated the sensitivity and effect of material variability of the C/PEKK-FC material during
induction heating. It was found that laminates showed a inhomogeneous fiber distribution
and resin rich regions were identified. This variability may have a significant effect on
temperature evolution in the welded joint. Furthermore, it is also known [66] that excessive
resin or a thick interface may also increase the fracture toughness, as this may allow for
more plastic deformation at the crack tip. Accounting for these influences in the analysis
would require detailed knowledge on the local thermal behavior and characterization of the
in-situ material properties, which is out-of-scope for this work. However, the developed
numerical methodology is used to study the effect of changes in material properties on the
joint strength and failure behavior.
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4.2.2 WELDING SETUP AND SINGLE LAP SHEAR SPECIMENS

The rig shown in Figure 4.2.1a is designed to support the welding of two laminates by
means of a conduction welding robot. The laminates are welded at three positions and
specimens are machined from the center section of each weld as shown in Figure 4.2.1b in
order to create a single lap shear specimen. The specimen design (Figure 4.2.1c) follows
ASTM standard D3165 [110], with overlap length of 30 mm and nominal width of 25.4
mm. The length of each composite laminate is 75 mm and the height of the weld at the
interface is approximately 18 mm. This dimension is a typical value measured from the
weld size of the tested samples. The layup of the composite laminates consists of 16 plies
([-45,0,45,90,-45,90,45,0]s) for each laminate which is rotated to create a +45/-45 interface
at the weld. The 0-degree ply is oriented in the loading direction of the specimen.

220 mm
(@) (b)
= | Laminate 1
—I | Weld (3v)
120 mm
<_’> <_’> <‘_’ |~ Machined specimen
—
Weld 1 a —
Laminate 2
_
Weld2 — a
Weld 3 a (c)

&
VY

T
l 30 mm I 18 mm (weld height)

Welding rig

>
25.4 mm

Figure 4.2.1: Welding of single lap shear specimens: a) Conduction welding rig; b) Details of welded laminates, c)
Single lap shear specimen.

4.2.3 CONDUCTION WELDING OF THE LAMINATES

All laminates used in the test campaign are manufactured from two large autoclave consol-
idated AS4D/PEKK-FC laminates according to a typical process cycle for aeronautical parts
and are cut into smaller laminates for welding. Additional PEKK-FC foil is included in each
laminate to make sure sufficient resin is present at the weld interface. The welding robot,
shown in Figure 4.2.2, consists of a clamping system which applies local heat and pressure
through an induction heated stamp. The two AS4D/PEKK-FC laminates are positioned
and clamped by the robot after which heat and pressure are applied to locally melt the
thermoplastic material. The system is heated from one side at approximately 400 °C in
order to reach the typical processing temperature of 377 °C [61] at the welded interface
and to ensure a complete melt [67]. The maximum temperature is limited to approximately
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400 °C in order to prevent polymer degradation at the laminate surface near the welding
tool. This value is based on Fokker/GKN experience and can be determined by techniques
such as thermogravimetric analysis (TGA).

Figure 4.2.2: Conduction welding robot at Fokker/GKN Aerospace.

The welding temperature is measured at the weld interface by means of several thermo-
couples and the quality of the weld is inspected by means of Non Destructive Inspection
(NDI) by using a phased array setup that inspects the width and the position of the conduc-
tion weld. The equipment consist of the Omniscan MX and a probe that generates ultrasonic
soundwaves. When putting the probe on the composite laminate the sound waves travel
through the composite plate and reflect back to the probe. The sound waves are dampened
when a change in density is detected. This can be an indication of voids, delaminations
or an area which is not welded. The different type of scans that are performed are shown
in Figure 4.2.3 on a conduction welded laminate. NDI C-scan results are shown in Figure
4.2.4 where the colors represent the damping of the sound. The color red is 0% and blue
is 100% attenuation of the ultrasonic sound waves. The phased array probe can perform
different types of scans. The A-scan provides information about a local point of the weld;
this point is perpendicular to the welding location. The C-scan provides information about
the weld in top view. The S-scan provides information about the cross-section of the weld,
perpendicular to the weld, this is a combination of the data from the A- and C-scan.

The C-scan results of the first welded laminate (Specimens 1-3, Table 4.2.2) is compared
in Figure 4.2.4a to a welded laminate with a more consistent weld quality and higher
strength (Specimens 7-9, Table 4.2.2) in Figure 4.2.4b. Figure 4.2.4a shows some indication of
delamination or variation through the thickness (blue-green region with <50% attenuation)
compared to the higher quality welds in Figure 4.2.4b that show a more consistent C-scan
result above 50% attenuation.
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Heated side

Weld interface

Figure 4.2.3: NDI of conduction welded laminates.

Weld 1 Weld 2 Weld 3
(e Forg,

Weld 1 Weld 2 Weld 3

Figure 4.2.4: NDI C-scan results: (a) Welds for specimen 1-3, with indications (<50% attenuation zones); (b) Welds
for specimen 7-9, more consistent quality welds (all >50% attenuation).
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4.2.4 EXPERIMENTAL RESULTS
In total, 21 conduction welded single lap shear joints are manufactured and tested. Static
tensile tests are performed according to ASTM D3165 [110] until failure.

The tests are carried out using a ZWICK 100kN universal test machine with self-aligning
wedge grips. The cross-head speed is set to 1 mm/min and the test is automatically stopped
after measuring a load drop to 75% of the highest measured force. It is noticed that the
self-aligning grips do not provide clamped conditions at the grip area and some gapping is
observed due to secondary bending, so the effective specimen length between the grips
is unknown. Furthermore, the clamping pressure of these wedge grips increases during
loading due to axial movement. This makes comparing load-displacement curves of the
experimental and numerical results difficult, as the machine displacement includes both
the machine compliance and the movement of the wedge grips. Therefore, the numerical
load-displacement curve is only compared to the experimental failure loads.

The results are shown in Table 4.2.2. The specimens are grouped according to the
laminates from which they are machined. The relation of the weld position with the
specimen, is also given. Furthermore, the height of the weld and the measured weld area
based on the fracture surface are also reported. The average failure load is 18841 N and the
minimum and maximum failure loads are 12307 N and 21556 N, respectively.

Table 4.2.2: Welded single lap shear joint experimental results.

Specimen Specimen  Weld Weld  Failure

(Weld) Weld width height surface load

number  position [mm] [mm] [mm?2] [N]
1 1 25.48 17.32 441 12307
2 2 25.50 17.65 450 20348
3 3 25.48 17.41 444 14675
4 1 25.49 17.60 449 19929
5 2 25.48 18.05 460 20535
6 3 25.49 17.92 457 13594
7 1 25.49 17.91 457 19608
8 2 25.47 17.50 446 19805
9 3 25.47 17.09 435 18771
10 1 25.50 17.87 456 19780
11 2 25.51 17.67 451 20656
12 3 25.52 17.54 448 20298
13 1 25.53 17.88 456 20403
14 2 25.53 17.87 456 20890
15 3 25.54 17.89 457 17780
16 1 25.51 17.49 446 18177
17 2 25.50 18.09 461 19731
18 3 25.49 17.63 449 19788
19 1 25.49 18.00 459 16893
20 2 25.54 18.08 462 21556
21 3 25.49 17.36 443 20133
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The failure modes of a typical lower (Specimen 3) and higher bound experimental result
(Specimen 8) are shown in Figure 4.2.5. The fracture surface of the weld is shown for both
the top and bottom laminate as indicated in Figure 4.2.5a. For Specimen 3 the failure mode
extended outside of the weld (Figure 4.2.5b), which may be related with the NDI indication
at the same location as shown in Figure 4.2.4a. It is also observed that the failure mode
of Specimen 8 show clear signs of a resin rich area at the tip of the weld and clear signs
of delamination propagation (light colored zone) as indicated in Figure 4.2.5¢c. The failure
modes are investigated and explained in more detail in section 4.4 evaluating the results
from the numerical analysis.

a) b) c)

Failure extended outside of weld Signs of delamination propagation

To Bottom

Bottom Top Bottom

Resin rich areas (white)

Figure 4.2.5: Failure modes of welded single lap shear specimens: a) Specimen geometry and views; b) Specimen
3; ¢) Specimen 8.
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4.3 MODELLING STRATEGY

Two numerical strategies are explored to analyse the strength of the thermoplastic con-
duction welded single lap shear joints. The first simplified approach considers failure only
at the welded joint and simplifies all damage mechanisms into a single cohesive interface
(Figure 4.3.1), while the second follows a high-fidelity approach that considers both inter-
and intralaminar damage in each ply of the single lap shear joint and the welded interface
(Figure 4.3.2). This section first explains the general model parameters and geometry,
followed by the damage models used in the work and a study on how to efficiently simulate
single lap shear joints in ABAQUS/Explicit [45].

4.3.1 MODELS AND PARAMETERS

The two models follow the specimen design and geometry as shown in Figure 4.2.1. The
single lap shear joint is divided into two zones and assembled from separate parts. The
composite sections at the load introduction, which are far from the welded joint, are
discretised with through-thickness continuum shell elements (SC8R) as shown in Figure
4.3.1a and considers only linear-elastic material behavior. The central zone of the joint in
the simplified model is also modelled using SC8R elements but a smaller mesh size is used
to meet mesh size requirements [99] for cohesive zones. The central section consists of a

surface with contact (Figure 4.3.1b) and cohesive surface for the welded interface (Figure
4.3.1c).
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Figure 4.3.1: Simplified single lap shear model: a) Continuum shell model; b) Contact surface outside of weld; c)
Cohesive surface of welded interface.

The central zone of the high-fidelity model, also referred to the damage zone, is shown
in Figure 4.3.2a and follows a ply-by-ply modelling strategy where each ply is discretized
as a layer of reduced-integration solid elements (C3D8R). A fiber aligned mesh with an
aspect ratio of three is used following the guidelines given in [16]. The welded interface, as
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in the simplified model, consists of a cohesive surface for the weld and a contact definition
outside of the weld, as shown in Figure 4.3.2b.

a) Continuum shell (composite layup) b) Welded surface with cohesive behavior
(ply-16 & ply-17)

Tie constraint

Fiber aligned mesh
(C3D8R)

 Contact

General contact with cohesive behavior (all plies)

Figure 4.3.2: High-fidelity single lap shear model: a) Overview of different model features; b) Details on welded
surface showing only the lower laminate.

The connection between the damage zone and supports is implemented with kinematic
constraints (*TIE) in order to transfer displacements and rotation across their boundaries.
The boundary conditions are applied by means of a velocity amplitude profile imposed at
the top and bottom surfaces of the supports. The fixed boundary condition at the bottom
surface is enforced by means of conditions of zero velocity while the velocity at the top
surface is ramped-up to a constant velocity until failure. The simplified model consists of
approximately 10.000 elements, while the high-fidelity model consists of approximately
100.000 elements. The optimization of the analysis parameters to achieve efficient analysis
times is explained in more detail in section 4.3.3.

4.3.2 INTER- AND INTRALAMINAR DAMAGE MODEL

Failure of the welded joints is considered to be similar to the failure of general composite
laminates due to the nature of the joining process. The laminate is locally melted and
consolidates in a similar manner as consolidating plates in an autoclave process, if the
right manufacturing conditions are respected. This means that the welded interface is
locally indistinguishable from the bulk material. Therefore, the failure of the welded joint
is expected to behave the same as interlaminar damage in the thermoplastic composite
material and that a zero-thickness interface can be assumed, which is different from bonded
joints that have a non-zero adhesive thickness.

The failure mechanisms of the welded joint can therefore be divided into the typical
categories of composite failure modes, namely interlaminar and intralaminar damage.
Failure of the weld and failure of the ply-to-ply interface of the laminates fall into the
interlaminar category. This damage behavior affects the separation between plies, which
forms a delamination that can occur under different opening modes. Intralaminar damage
considers all the failure modes that occur within each ply such as fiber and matrix failure.
The interlaminar model already available in ABAQUS/Explicit has been used, while the
intralaminar model has been implemented in a Continuum Damage Model (CDM) through
a user-defined "VUMAT" subroutine using a numerically explicit integration scheme.
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INTERLAMINAR DAMAGE

The interlaminar behavior of the welded joints is modelled through the general contact
algorithm available in ABAQUS/Explicit [45]. This method takes care of the kinematics
of surface contact, cohesive and frictional behavior. The cohesive zone model describes
the opening of the delamination in terms of tractions and displacements. Once damage
is initiated, the model reduces the stiffness of the cohesive surface thus decreasing the
traction while dissipating the fracture energy corresponding to the specific mixed-mode
opening mode, as given by the Benzeggagh-Kenane criterion [57]. Damage initiation is
identified by means of a quadratic nominal stress failure criteria which is a function of
the interlaminar strength values for each damage mode. Frictional effects are considered
on the surface to include possible effects of ply friction within the delaminations. For the
simplified model, this behavior is only considered at the weld interface as shown in Figure
4.3.1c, while for the high-fidelity model it is considered for each ply interface. Outside the
weld surface, only contact and frictional behavior are considered. A value of 200000N/ mm?
is used for the mode I penalty stiffness and Turon’s equation [58] is used to calculate the
shear penalty stiffness value. Friction is considered to be ply interface angle dependent
and follows the approach and values from [19].

INTRALAMINAR DAMAGE

CDM is used for modelling damage in the plies taking into account the three-dimensional
stress states through the physically-based three-dimensional failure criteria proposed
by Catalanotti et al. [46]. This effect is considered to be important for the analysis of
single lap shear joints because significant out-of-plane loading may be present due to
secondary bending. The implementation follows the approach defined in [19] and is
originally based on the work of Maimi et al. [47] that guarantees the correct energy
dissipation for each composite fracture mode. The model is also enhanced to account
for large shear deformations through the use of the 2"? Piola-Kirchhoff stress and Green-
Lagrange strain to accurately predict matrix cracks and ply splits as demonstrated in
[40, 111]. Capturing large shear deformations is relevant for accurately predicting the
matrix-dominated failure modes of the welded joints. The implementation following [56]
is briefly explained below and the influence of some of the assumptions are discussed in
Section 4.4.

The stress and strain in the element is based on a Lagrangian kinematic measure
where the constitutive equations can be defined within a orthonormal material frame.
Therefore, fiber rotation due to large shear deformation is intrinsically captured. The 2%
Piola-Kirchhoff stress S is the work conjugate to the Green-Lagrange strain E, which is
determined from the deformation gradient tensor F:

E= % (FT-F-I) (4.1)

where I is the identity tensor. The 2"? Piola-Kirchhoff stress S can be determined from the
material stiffness tensor C and the Green-Lagrange strain E:

S=C:E (4.2)

and can be mapped to the current configuration by
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1
r=F-S-Fland o = 7T with J = det(F) (4.3)

where 7 and o are the Kirchhoff and Cauchy stress. The stress has to be returned in the
co-rotational basis of Abaqus (o444) through a change of basis operation by using the
rotation matrix R.

Oapg=R-0-RT (4.4)

The strain tensor for an orthotropic ply is defined as {€} = [H(dy)][{o} + { @} AT, where
{0} is the tensor of effective stresses in Voigt notation, AT is the isotropic thermal load and
{a} are the ply thermal expansion coefficients following the normal orthotropic directions.
Although the model can take into account the influences of thermal stress due to the
welding process, this has not been considered in this work, as this would require detailed
knowledge and prediction of the local thermal gradients and material behavior during
welding conditions.

The laminate compliance tensor [H(dy)] is affected by the damage variables dy(M =
1+,2+,3+,4,5,6) in each orthotropic direction and is associated with the damage evolution
laws for each failure mode, respectively in fiber/longitudinal (M = 1), matrix/transverse
(M = 2#,3+) and matrix shear (M = 4,5,6).

The compliance tensor, following the convention adopted in the ABAQUS/Explicit
implementation, is expressed as:

1 V; V;
T dE, ‘ﬁ I 0 0 0
V1 V9
B Tan b 0 0 0
- B bn 0 0 0
[Hdw]=| o em o o (45)
(1-ds)G12 N
0 0 0 0 (1-d4)Ga3 (1)
0 0 0 0 0 &G |

Softening laws are used to ensure physically correct dissipation of fracture energy for
each failure mode. The exponential softening law in general form, which is used for all
matrix failure modes, is expressed in equation 4.6.

1
dy =1- —exp{Apm[1-rm]}(M = 24£,3+,4,5,6) (4.6)
™

where ry (M = 1+,2+,3+,4,5,6) are elastic domain thresholds, which are initially 1.0 for
an undamaged material and increase after damage initiation. The physically-based three-
dimensional failure criteria proposed by Catalanotti et al. [46] is used to identify initiation
of damage and can also account for combined loading effects. The parameter Ay ensures
that the dissipated energy is independent of mesh refinement [112] by relating the element
characteristic length [(i = 1,2,3) for a fiber aligned mesh with the material and fracture
properties in the corresponding directions. For matrix damage the equation is as follows
[19]:

_ 2 X m
2E G - L X2

M (M = 2+,3+,4,5,6,i = 2,3) (4.7)
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Matrix cracking is assumed to occur under general mixed-mode (mm) conditions, with
initiation X, predicted by the three-dimensional failure criteria and the propagation
fracture energy Gpm by the energy-based Benzeggagh-Kenane (BK) criterion [57].

Softening in fiber direction requires taking into account both fiber pull-out and bridging
and is implemented through a trilinear softening law following the implementation of
CompDam [44]. However, this failure mode is less relevant for the matrix dominated failure
modes of the welded single lap shear joints.

Failure in out-of-plane direction is accounted for by the cohesive surfaces between the
plies and can be disabled in the CDM, but nonlinear elastic-plastic response is taken into
account for each shear direction (1-2, 1-3, 2-3). This is achieved using the Ramberg-Osgood
equation following the implementation of CompDam [44]. The engineering shear strain
(yi) is defined as:

T + apysign(t;)| T !
yi= SIS (r)l7i (i=12,23,13) (4.8)
Gi
where a,; and 1, are the fitting parameters obtained with experimental data from in-
plane shear tests. The nonlinear shear response is assumed to be plastic until the onset of

damage, after which the element is damaged following an exponential softening law that
is regularized according to the mode II fracture toughness.

The use of exponential softening laws allows for gradual changes in stiffness and a
more robust solution, however during softening the strains in the elements may reach
very high strain levels. Furthermore, highly distorted elements, which can be detected by
sudden changes in volume, may influence the stability of the analysis. These elements can
be detected through the determinant of the deformation gradient det(F) [54]. The criteria
for element deletion is adopted from [16], with more strict conditions during very large
deformation. In summary, the elements fulfilling any of the following criteria are deleted
during the simulation:

di+ 2 0.99999

lei] = 1.0(i = 1,2,3)

lyil = 1.0(i = 12,23,13)
det(F) < 0.4 or det(F) = 4.0

(4.9)
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4.3.3 ANALYSIS PARAMETERS EXPLICIT FINITE ELEMENT METHOD
The explicit finite element method implemented in ABAQUS is selected for the analysis,
as it involves solving a highly nonlinear dynamic problem such as large displacements,
non-linear material behavior including damage and complex contact interaction with
damage and frictional behavior. In order to perform computational efficient analyses
in ABAQUS/Explicit, the total analysis time should be as short as possible. This can be
achieved by mass-scaling or through the loading velocity. Mass-scaling up to 1000x as
proposed in [16] combined with high loading velocities may not be a issue for in-plane
coupons such as plain and open-hole strength, but they may cause unwanted dynamic
effects such as oscillations and overshoots for problems that are more sensitive to dynamic
or inertia effects. This may be the case for single lap shear joints as in-plane loading
results in out-of-plane deformation due to secondary bending. The three main parameters
that determine the total analysis time are (1) the stable time increment related to element
size and density, (2) the ramp up time or loading amplitude and (3) the loading velocity.
Although the element size is a parameter that could be adjusted, it is indirectly limited
through the mesh size requirement of the damage models. This leaves the density, loading
amplitude and velocity as the main parameters for the investigation. The simplified model
has been used to conduct the parameter study. The following combination of parameters is
investigated:

1. Mass-scale factor: 1, 10, 100 and 1000 [-]
2. Loading amplitude: 0.001, 0.0025, 0.005 and 0.01 [s]
3. Velocity: 25, 50 and 100 [mm/s]

Where the baseline analysis is defined with a density scaling factor of 1, a loading
amplitude of 0.01s and a velocity of 25 mm/s. The total analysis time for this case is over 2
hours on 10 CPUS (Intel(R) Xeon(R) CPU E5-2640v4 @ 2.40GHz). The predicted failure load
is checked against the solution of the implicit solver and the results are nearly identical.
If is found that by using the maximum mass-scaling factor and loading velocity, severe
dynamic effects occur and the failure load is over-predicted by approximately 10 percent.
This means that the typical parameters for in-plane coupons [16] are not valid for single
lap shear joints. Based on the results of this study, it is chosen to select a loading velocity
of 50 mm/s in combination with a ramp up time of 0.0025 s and 10 times mass-scaling. This
results in an analysis time of approximately 20 minutes on 10 CPU which is a significant
reduction in analysis time compared to the baseline of over two hours, while staying within
1% of the expected failure load. On the high-fidelity model this results in a analysis time of
8 to 10 hours when using 20 CPUS.
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4.4 NUMERICAL EVALUATION OF THERMOPLASTIC CONDUC-

TION WELDED SINGLE LAP SHEAR JOINTS
The strength and failure modes of the welded joint are evaluated using the two modelling
approaches and comparisons are made against the experimental results. First, only failure
at the welded interface is considered using the simplified approach followed by a discussion
on the apparent fracture toughness of the welded joint. The high-fidelity model is then
used to investigate failure of the surrounding plies and to study the behavior due to these
additional failure modes. This is followed by a discussion on the influence of the inter-

and intralaminar material properties and some limitations of the modelling approaches are
identified.

4.4.1 SIMPLIFIED MODELLING APPROACH

The single-lap shear specimens are at first simulated using the simplified approach which
only accounts for damage in the welded interface. The material properties used are reported
in Table 4.2.1 and the ply thickness is adjusted to 0.144 mm, based on the measured thickness
of the test specimens. The mode I and mode II propagation fracture toughness values
measured from unidirectional specimens are used in the cohesive model for the weld.

a) 22500 b)
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Figure 4.4.1: Simplified model result: a) Load-displacement curve; b) Initiation of weld failure and failure of
welded interface after reaching the peak load.

The grip length is conservatively taken as the full specimen length as support conditions
of the self-aligning wedge grips are difficult to determine. Some analyses are performed to



4.4 NUMERICAL EVALUATION OF THERMOPLASTIC CONDUCTION WELDED SINGLE LAP SHEAR JOINTS 79

study the influence of the gripping distance and the predicted failure loads would increase
by 1-2% due to slightly reduced secondary bending of the specimen. The numerical load-
displacement curve is compared against the upper and lower bound experimental results
in Figure 4.4.1a. The status of the weld can be represented by the cohesive damage variable
(CSDMG) that identifies the area of the weld undergoing degradation. This is shown for
two locations along the load-displacement curve in Figure 4.4.1b. During damage initiation
at the edge of the welded joint a Fracture Process Zone (FPZ) develops where the damaged
area becomes critical, causing the load-displacement curve to suddenly drop. The predicted
failure load using this approach is 11597 N which is just below the lower experimental
bound equal to 12307 N. The mismatch between the numerical and experimental results
can be caused by several factors. The most likely causes are the influence of the +45/-45
interface angle, the more complex failure modes, that are not taken into account by the
simplified modelling approach, and the influence of the manufacturing process on the
material properties as discussed in section 4.2.2.

4.4.2 APPARENT FRACTURE TOUGHNESS OF CONDUCTION WELDED JOINTS

The simplified modelling approach is used to investigate how the fracture toughness
determines the upper and lower bounds of the experimental campaign. The strength of the
joint is analyzed scaling the interlaminar fracture toughness of the material, which can be
referred to as the apparent fracture toughness of the joint. The result of this study is shown

25000

22500 Upper exp. bound

20000 /
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Factor on UD fracture toughness [-]
Figure 4.4.2: Influence of scaled interlaminar fracture toughness on conduction welded joint strength.
in Figure 4.4.2 where the joint strength is plotted against a factored interlaminar fracture

toughness. It becomes clear that the interlaminar fracture toughness has to be increased
by approximately a factor three in order to achieve the upper bound experimental results.
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The average experimental results can be approached by using a factor of 2.5. The apparent
fracture toughness of the joint can be used in an engineering approach to take into account
effects such as changes in material properties, dependence of the fracture properties on the
interface mismatch angle or complex failure mechanisms that cannot be predicted with the
simplified modelling approach. The benefit of this is that the effective material properties
can be determined at the coupon level and applied in coarser models at the structural level
to efficiently perform simulation at that scale. Compared to thermoset composites, the
fracture toughness of thermoplastic composites is much higher, making it easier to meet
mesh-size requirements in cohesize zone or VCCT analyses [99, 113] with a coarse mesh
and reduce mesh dependency. However, the validity has to be further investigated for
different materials, loading modes and interface angles.

4.4.3 HIGH-FIDELITY MODELLING APPROACH

The high-fidelity modelling approach described in Section 4.3 is used to predict both the
failure load and failure mode of the welded single lap shear joint. The same geometry
and unidirectional material properties are used as the simplified model, but now following
the ply-by-ply modelling strategy as shown in Figure 4.3.2 that allows for both intra- and
interlaminar damage. The numerical load-displacement curve is compared with the upper
and lower bound experimental results, and also with the curve obtained using the simplified
model, in Figure 4.4.3a.
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Figure 4.4.3: High-fidelity model results: a) Load-displacement curve compared to simplified model; b) Predicted
weld and matrix damage at two points along the load-displacement curve.

It is evident that the joint strength is highly influenced by the complex interaction
of failure modes in the surrounding plies of the laminates. The predicted failure load
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following the high-fidelity approach is 14962 N. Figure 4.4.3b shows the failure modes at
two points along the load-displacement curve prior to final failure. Both the weld failure
(delamination, CSDMG) and matrix damage (D2) are shown in Figure 4.4.3b for each side
of the joint indicated with the top and bottom view. The failure process predicted by the
numerical model at the first point is as follows: (i) Matrix damage starts to develop in both
45 degree plies near the edges of the weld. This occurs at approximately the failure load of
the simplified model. (ii) The damage appears to slow down the initiation of delamination
in the weld interface, while the matrix damage starts to develop ply splits along the fiber
direction in the 45 degree plies. Further along the load-displacement curve at the second
point these ply splits (iii) continue to grow and migrate into delaminations between the
first and second ply above the weld interface and (iv) will cause the joint to fail after they
become critical.

(1) Delaminations
between 0 and 45

(11) O ply visible
(111) Fiber failure with

offset from
delamination onset

(IV) Failure of +45/-45 ply

(V) Pull-off of +45 ply

Il Non-damaged
Il rully-damaged

Bottom

Figure 4.4.4: Comparison between final failure modes: a) Numerical prediction; b) Experimental data of failure
mode.

The final failure mode of the numerical model is compared in Figure 4.4.4a to the
experimental failure mode in Figure 4.4.4b and similarities can be identified. The main
failure mode, that most likely caused the failure of the single lap shear joint, is the large
delamination between the first ply at 45 degree and second ply at 0 degree (I) and not at
the +45/-45 degree welded joint interface, because a large portion of the zero degree ply
(I) is visible. Another interesting feature is the location at where the 45 degree ply failed
by means of fiber failure (IIl) which is at an off-set from where the delamination initiation
is predicted by the numerical model. The white markings on the test sample are a sign
of resin rich areas at the edge of the weld which may increase the initiation strength and
fracture toughness locally [66]. Several ply splits of the +45/-45 ply (IV) are visible on both
sides of the specimen, which led to the pull-off of one of the 45 degree plies (V) due to the
interaction with delamination on the 0/45 interface.
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4.4.4 INFLUENCE OF THE FRACTURE PROPERTIES
The influence of the intra- and interlaminar and weld interface fracture properties on the
single lap shear joint strength and failure mode is investigated by using the high-fidelity
modelling approach. Changes in these properties could, as already discussed, be caused
by the manufacturing process but also by assumptions in the modelling approach such as
taking into account in-situ material strength or by accounting for the full cohesive law
of the different fracture modes and/or the effect of interface layup angles at the welded
interface (0/0 versus +45/-45).

Several different models, see Figure 4.4.5, are run with different fracture toughness
values for intra- and interlaminar fracture properties in order to gain insight into how the
material properties influence the joint strength and corresponding failure modes.
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Figure 4.4.5: Influence of inter- and intralaminar material properties: a) Load-displacement curves; b) Example of
delamination dominated failure mode; c) Example of matrix dominated failure mode. CS - Simplified Continuum
Shell model, HF - High-fidelity model, HF: weld - Increased weld toughness, HF: intra - Increased intralaminar
matrix-dominated fracture toughness, HF: weld+inter - Increased weld and interlaminar fracture toughness, HF:
all - Increased weld, intra- and interlaminar fracture toughness.

The CS and HF models are the models considered in the previous sections and are the
simplified continuum shell and high-fidelity model, respectively. The HF: weld model is
the high-fidelity model with an increased fracture toughness at the welded interface. A
factor of 2.5 is chosen based on the prediction of the average experimental results by using
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the simplified approach. This brings the joint strength to 15776 N, which is much less
compared to scaling the weld fracture toughness in the simplified approach. This difference
between the simplified and high-fidelity approach is explained by the change in failure
mode to matrix cracking and failure of the first ply. Interestingly, this also suggests that
having increased material properties at only the welded interface cannot explain the upper
bound experimental results. If only the matrix fracture toughness of the ply (HF: intra) is
increased the failure mode becomes delamination dominated, as shown in Figure 4.4.5b.
Delaminations initiate (I) at the same level as the HF model and migrate through matrix
damage (II) to the first ply and eventually pull-off (II) the first ply. Due to the increased
matrix fracture toughness the load is increased from 14962 N to 17509 N. When both, the
interlaminar fracture toughness of the first ply and the weld (HF weld+inter), are modified,
the strength further increases to 18685 N and a more ply dominated failure mode, as shown
in Figure 4.4.5¢, is observed. In this situation, there are no signs of initial delaminations
(IV) and failure of the joint is caused by matrix failure (IV) of the first ply. The strength
can be even further increased if the fracture toughness of all adjacent plies and interfaces
is increased (HF: all).

The under-prediction of the numerical simulations cannot be attributed only to the
properties of the weld and of the plies, and require further analysis on the damage de-
velopment and assumption of the numerical model. When taking a closer look at matrix
failure of the ply, it is observed that the loading of the matrix cracks changes as damage
progresses. Matrix damage and welded interface initiation is mostly due to in-plane shear
loading with some influence of mode I opening due to secondary bending, but as damage
progresses the cracks become predominately loaded in out-of-plane shear (Figure 4.4.6a)
and element deletion is triggered when 100 percent out-of-plane shear is reached. This
identifies one of the limitation of the current modelling approach. Changes in loading
mode of existing in-plane cracks, changes in crack angles of partially developed cracks and
possible effects of friction due to crack closure are not taken into account. The influence of
these effects may effectively delay the propagation of damage and significantly increase
the strength of the matrix dominated failure modes.
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Figure 4.4.6: Analysis of intralaminar behavior: a) Excessive out-of-plane shear strains; b) Non-zero matrix crack
angles.
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Although the modelling strategy is already able to limit the delamination growth due
to damage and softening of the plies, it is also observed that the predicted crack angles
for matrix damage are generally between 20 and 45 degrees as shown in Figure 4.4.6b,
where a 0 degree crack represents a pure in-plane matrix crack [46] or no damage initiation.
At some locations near the start of the fully developed ply splits the angles are closer to
in-plane failure while at most other locations they are at the lower angles, which supports
the experimentally observed migration of delamination to the second interface. As the
current modelling approach is using the Abaqus/Explicit built-in failure criteria, there is
no control in preventing failure of the welded interface when crack migration is detected.

Another important consideration is that the bending stiffness of the laminate will
influence secondary bending of the welded joint and will change the local mode mixity at
the welded interface. This means that a more stiff or hard laminate will experience less
secondary bending and a mode I induced failure mode. Secondary bending is higher for soft
laminates and will result in a higher mode I component at the welded interface. Furthermore,
since the joint strength appears to be highly influenced by the matrix dominated failure
modes of not only the weld but also the composite laminate, it is evident that the interface
angle and ply orientation near the weld plays an important role for the strength of the
joint. These effects may have to be considered when establishing design guidelines for
composite welded joints.

4.5 CONCLUSIONS

Single lap shear thermoplastic composites welded joints have been designed, manufactured
and tested. Evaluation of the experimental results provided new insights into the complex
failure behavior of the joint and of the interaction with the failure modes of the laminate.
For the numerical analysis both a simplified and a high-fidelity approach are developed
and evaluated. It is found that the simplified approach, based on the cohesive zone method,
predicts a very conservative joint strength when unidirectional interlaminar fracture
toughness properties are used. The apparent fracture toughness of the joints is found
to be approximately 2.5 times higher. A high-fidelity modelling approach is developed
to investigate the influence of the complex failure behavior of the welded joint using an
improved Continuum Damage Model to accurately predict matrix failure and ply splitting.
This model provides new insights in the failure behavior of the joint and is able to accurately
predict the failure mode. However, predicting the upper bound experimental results is still
difficult and some limitations to the numerical methodology are identified. This includes
changes in mode-mixity during crack propagation, non-zero matrix crack angles near the
welded interface and not considering frictional effects on the fracture plane. The analysis
using the high-fidelity model shows that different material properties for the inter- and
intralaminar failure modes have a strong effect on the joint strength and may significantly
influence the failure modes. A better understanding of the material properties of the
welded joint is still needed and design guidelines may need to not only consider the welded
interface but also the surrounding plies.
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CHARACTERIZATION AND
ANALYSIS OF CONDUCTION
WELDED THERMOPLASTIC

COMPOSITE JOINTS CONSIDERING
THE INFLUENCE OF
MANUFACTURING

Thermoplastic composite welding is a key technology that can help to make the aviation indus-
try more sustainable, while at the same time enable high-volume production and cost-efficient
manufacturing. In this work, characterization, testing and analyse of thermoplastic composite
conduction welded joints are performed accounting for the influence of the manufacturing
process. Test specimens are designed from welds of a half a meter long welding tool that
is developed to weld the stiffened structures of the next-generation thermoplastic composite
fuselage. In the design, special attention is paid to the weldability of the laminates, while en-
suring fracture occurs only at the welded interface. Two specimen configurations are evaluated
for the Double Cantilever Beam and End-Notched Flexure characterization tests. Moreover,
Single Lap-Shear specimens are tested in tension and in three-point-bending. Finally, the
characterized material properties are introduced in finite element analyses to demonstrate that
the cohesive zone modeling approach can be used to conservatively predict the strength of these
welded joints. New insights are obtained in the relation between the manufacturing process,
the quality of the weld and the mechanical properties of the joints, which are significantly
different compared to autoclave consolidated composites.

This chapter is directly based on [£] B. H. A. H. Tijs, A. Turon, and C. Bisagni. Characterization and analysis
of conduction welded thermoplastic composite joints considering the influence of manufacturing. Manuscript
prepared for submission to Elsevier, 2023.
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5.1 INTRODUCTION

The use of thermoplastic composite materials can substantially increase the sustainabil-
ity of the aviation sector through achieving a paradigm shift in aircraft manufacturing.
Thermoplastic composites may enable such a shift and can offer improved mechanical
properties, ‘unlimited’ shelf life and provide a number of advantages that can benefit
cost-efficient and high-volume manufacturing. One of the recent advancements as part
of the EU’s Clean Sky 2 initiative is the Multi-Functional Fuselage Demonstrator (MFFD)
[15, 114-116]. This demonstrator gives a glimpse of what a next-generation aircraft could
be and makes use of new joining techniques such as thermoplastic welding. Compared to
typical manufacturing processes such as autoclave-, oven- and press-consolidation, ther-
moplastic welding can achieve much shorter processing times (seconds to minutes). The
most established thermoplastic welding techniques are induction, ultrasonic and resistance
welding [1]. Another method of joining thermoplastic composites is conduction welding,
currently under development at Fokker/GKN Aerospace [9] and patented [10].

One of the main benefits of thermoplastic welding is that it reduces the amount of
mechanical fasteners required. However, introducing these fastener-free joints also comes
with new challenges such that the strength of the structure becomes more reliant on the
properties of the thermoplastic matrix material [12, 21]. Furthermore, these properties
may also be influenced by the welding process parameters. For composite fuselages, skin-
stiffener separation [117-119] is one of the most common failure modes [115, 120], which
makes the strength of these new fastener-free joints especially important.

A common methods to test the strength of thermoplastic composite welded joints
is by means of Single Lap-Shear (SLS) joints. These specimens are straightforward to
manufacture and test, and are often used as a tool to determine the strength and quality
of welded joints [121, 122]. There is no specific standard for composite welded joints,
therefore researchers typically make use of the test standards of metallic (e.g., ASTM D1002
[123]) or laminated (e.g., ASTM D3165 [110], ASTM D5868 [124]) bonded joints. Other
methods to test composite welded joints are for example double-lap shear and pull-through
[104], interlaminar shear strength [125] and three-point bending [126]. All of these tests
may be used to compare strength values for a specific configuration, but just as the SLS
test, they only provide an apparent strength value, and do not provide direct material
property values that can be used in a general analysis method to predict different designs.
The joint typically fails under mixed-mode (combined peel and shear) loading condition,
which makes it generally highly dependent on the configuration, geometry, boundary
conditions and secondary bending effects [127, 128]. Furthermore, when joining composite
laminates, Tijs et al. [12] showed that the failure mechanisms such as matrix cracks and
delaminations [59] in the surrounding plies near the welded joint play an important role
in the strength and failure behavior of the welded joint. It is also shown that the apparent
fracture toughness of the welded joint is a factor 2.5 higher compared to the autoclave
consolidated fracture toughness [21], which suggests that the welding process may locally
affect the material properties [129].

Manufacturing process parameters that may influence the material properties of the
thermoplastic material and welded joint are local temperature gradients, heat-up speed,
constant time and temperature at the welded interface. These parameters may affect the flow
[107] of the polymer, the melting conditions, the crystallization kinetics or may significantly
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influence the final crystallinity of the material [67]. Furthermore, the welding process
may introduce thermal residual stress due to both the high temperature and shrinkage
of the material during crystallization. Sacchetti et al. [108] showed that the fracture
toughness of thermoplastic composites may significantly increase during high cooldown
rates, which can be explained by a limited amount of crystallization of the semi-crystalline
polymer, making the material more ductile. Other thermoplastic polymers, such as the fast-
crystallizing Poly(Ether-Ketone-Ketone) thermoplastic polymer (PEKK-FC) [67], achieve
full crystallization (approximately 30%) even at cooldown rates up to -60 °C/min. However,
the manufacturing process parameters for heating and cooldown during welding may be
much faster. Furthermore, a thick interface or resin pockets may also play an important
role [66] on the fracture behavior and toughness as it allows for more plastic deformation
at the crack tip. The material fracture properties of thermoplastic welded composites can
not be directly derived from single lap-shear tests due to mixed-mode loading conditions as
previously discussed. Researchers have instead used autoclave consolidation to study the
key parameters such as temperature, pressure and time that govern the joining process [130].
Furthermore, for some welding methods such as ultrasonic welding Double Cantilever
Beam (DCB) and End-Notched Flexure (ENF) tests were manufactured to characterize the
pure mode I and II fracture toughness [129]. For ultrasonic welding, the use of energy
directors may allow for welding of unidirectional (UD) plies, however for other methods
such as conduction welding this is very difficult due to the difference in thermal conductivity
in longitudinal and transverse direction of the UD plies.

The characterized fracture properties can be used in analysis methods by means of
the Cohesive Zone Model (CZM). The main benefit of this methodology is that it can
predict both the onset and propagation of damage, without the need to define an initial
flaw as required for virtual crack closure techniques [120, 131]. The CZM methodology
has been used extensively already to evaluate the strength of adhesively bonded joints
[101-103], delaminations [76] and more recently also on thermoplastic composite welded
joints [12]. The CZM approach can also account for changes in the mechanical behavior of
the interface, for example plasticity or fiber bridging, which are found to have a significant
influence on the total amount of dissipated energy during fracture as shown by Tijs et al.
[21].

Considering the aforementioned challenges, it is therefore needed to characterize and
analyse the fracture behavior of thermoplastic conduction welded joints taking into account
also the influence of the welding manufacturing process parameters on the weld quality
and mechanical properties of the joints. The link between design, manufacturing and the
analysis methodology is considered to be of high importance in the design and certification
of the new fastener-free thermoplastic composite structures.

In this work, the characterization and analysis of thermoplastic composite conduction
welded joints is performed accounting for the influence of the manufacturing process.
DCB, ENF and SLS specimens are welded by means of a half a meter long welding tool,
representative of the process used to weld stiffened structures of the next-generation
thermoplastic composite fuselage. During the design of the specimens, special attention is
paid to the weldability of the laminates, while ensuring that fracture occurs only at the
welded interface. For the design of the fracture toughness characterization specimens, two
configurations are designed and tested. The welded joints are also tested during different
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loading conditions by means of SLS specimens in tension and three-point-bending. Finally,
the characterized material properties are used in numerical analyses to evaluate if the
cohesive zone modeling approach can be used to reliably predict the strength of these
welded joint and to validate the proposed methodology.

5.2 CONDUCTION WELDING THE NEXT-GENERATION THER-

MOPLASTIC COMPOSITE FUSELAGE

The MFFD is a 8.5 meter long thermoplastic composite-made fuselage demonstrator that
is 4 meter in diameter. The main objective of the MFFD is to demonstrate the benefits of
integrating various functions such as passenger/cargo transport, electrical/mechanical/hy-
draulic systems, interior as well as load carrying capability [114]. The MFFD is stiffened by
means of omega profiles which are joined to the skin through conduction welding. Figure
5.2.1 shows an overview of the stiffened skin (5.2.1a) with close-ups of the welding tool
(5.2.1b) and the welded omega stiffener (5.2.1c).

fuselage demonstrator

> ésnu,n Fupein =

Figure 5.2.1: Multi-Functional Fuselage Demonstrator: a) omega stiffened skin structure; b) welding tooling; c)
close-up welded omega stiffener.

The conduction welding process is based on locally heating the surface of the part as
shown in Figure 5.2.2a. The tool generates the weld bath by heat conduction from the stamp
at the top through the laminate and heat is applied until the laminates are locally melted at
their interface. Pressure is applied during heating and this force is reacted by the anvil on
the opposite side of the stamp. The weld tooling consists of both stamps and heatsinks.
The tooling design [10] can accommodate for changes in laminate thickness along the
weld direction. Conduction welding is therefore suitable and scalable for welding of large
aeronautical parts and can easily take care of absorbing manufacturing tolerances like
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gaps. Another benefit of conduction welding is that it does not require addition of welding
specific materials such as energy directors or conductive strips. The manufacturing process
cycle of conduction follows the same principle as autoclave consolidation, but at a much
shorter time span. A typical process cycle is shown in Figure 5.2.2b and consists of a heat-up,
consolidation and cooldown phase. It is aimed to reach the consolidation phase, also referred
to as constant-time, as quickly as possible to shorten the process cycle. The implication is,
that in order to reach the required melting temperature at the welded interface, a higher
temperature is applied at the stamp side. This temperature needs to be high enough to
allow for a quick process cycle, but low enough not to damage the material near the stamp.

In this work, several welding process cycles are defined to study the influence on the

Heat-up EConsoIidationE Cooldown
P
H

Pressure (P)

Laminate

Temperature (T)

Laminate

Welded interface

Time (t)

(@) (b)

Figure 5.2.2: Conduction welding process: a) Schematic; b) Typical manufacturing process cycle.

weld quality and mechanical properties. The temperature during welding is monitored
by means of several thermocouples at the top, bottom and weld interface along the width
of the 0.5 meter tool. Two different studies were performed, namely the (I) influence of
welding temperature and (II) the influence of cooldown method. For the first study, the
characterization specimens were welded at four different weld interface temperatures in
steps of 25 °C: (1) ~325 °C, (2) ~350 °C, (3) ~375 °C and (4) 375+ °C. The temperatures are
indicated as approximate, as some variation in temperature is observed along the length
of the weld. The lowest temperature is way below the typical autoclave consolidation
temperature of ~375 °C [21, 67], but it is observed in the thermocouple data that the onset
of melting is likely around this temperature. In the evaluation the temperatures (2), (3)
and (4) are referred to as cold, typical and hot temperature, respectively. However, during
characterization it is found that the lowest temperature (1) provided a kissing joint and
not a weld, therefore the single lap shear tests were welded only at cold, typical and hot
temperature. The constant-time is kept consistent for all welds. For the cooldown phase
during the first study a constant cooldown is chosen. During the second study three
different methods of cooldown are evaluated: (a) free cooldown, (b) controlled cooldown,
and (c) stepped cooldown. Free cooldown resulted in the fastest process cycle. During
stepped cooldown, the generator is turned off to cool down freely up to the crystallization
temperature of approximately 275 °C [67] after which the temperature is kept constant
at this temperature for a certain amount of time. In order to have consistency between
different welds, a pre-heating step is introduced to warm up the tooling and the specimens
prior to starting the welding process. Further details on the welding recipes are considered
proprietary information and not provided.
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5.3 DESIGN AND MANUFACTURING OF CONDUCTION WELDED

JOINT SPECIMENS

An overview of the welded joint specimens is shown in Figure 5.3.1. Characterization of
the welded fracture toughness is performed in mode I by means of the DCB test, while the
mode II fracture toughness is characterized using the ENF test as shown in Figure 5.3.1a.
The specimens are designed to closely match the geometry and manufacturing process of
the thermoplastic composite fuselage structure and are chosen to be representative of a
skin-stringer flange. The welded laminates follow the typical dimensions of the flange and
are 30 mm wide. Furthermore, the layup of the laminates is chosen to be quasi-isotropic as
it has proven to be difficult to weld unidirectional (UD) laminates. However, the welded
interface of the quasi-isotropic laminates is chosen to be 0/0-degree to ensure that fracture
only occurs in the welded interface and that no secondary failure modes in the surrounding
plies occur [12].

Mode I: DCB Tensile: SLS
| =

e

ﬂ Mode Il: ENF ﬂ 3-Point-Bending: SLS

e & | |

(a) (b)

YA

Figure 5.3.1: Characterization and validation tests of conduction welded joints: a) characterization, DCB and ENF;
b) validation, SLS tensile and 3PB.

The welded joints are also tested during different loading conditions by means of SLS
specimens in tension and three-point-bending as shown in Figure 5.3.1b. These tests are
conducted to validate the use of the characterized material properties in the analysis.

5.3.1 MATERIAL PROPERTIES

The material used in this work is the thermoplastic composite Solvay APC(PEKK-FC) ther-
moplastic polymer prepreg [67]. The fiber of the prepreg is the continuous unidirectional
AS4D fiber and the nominal ply thickness is 0.14 mm. Manufacturing of the laminates
that are welded is performed by means of autoclave consolidation. The autoclave process
cycle is chosen to be representative for large aeronautical parts, which means a long cycle
with a constant phase and slow cooldown speed is used. The mechanical properties of the
AS4D/PEKK-FC thermoplastic composite material are provided in [12] and the relevant
properties that are used in this research are summarized in Table 5.3.1. The properties are
measured at room temperature ambient conditions.
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Table 5.3.1: AS4D/PEKK-FC thermoplastic composite properties [12, 21]

Property = Description Value  Unit
Ei; Young’s modulus, longitudinal tensile direction 138300 MPa
Eic Young’s modulus, longitudinal compressive direction 128000 MPa
Ey; Young’s modulus, transverse tensile direction 10400  MPa
Esc Young’s modulus, transverse compressive direction 11500  MPa
G12=Gy3  Shear modulus 5190 MPa
V12 Poisson ratio, 1-2 direction 0.316 -

Vo3 Poisson ratio, 2-3 direction 0.487 -

Gie, Mode I matrix fracture toughness, propagation 1.12 kJ/m?
Gire, Mode II matrix fracture toughness, propagation 2.35 kJ/m?
n Benzeggagh-Kenane coefficient 2.9 -

Yr Matrix tensile strength 87 MPa
Stoam Matrix 0.2% offset shear strength (estimated) 50 MPa
SLose Matrix 0.5% offset shear strength (estimated) 60 MPa
Slss, Matrix 5% offset shear strength 90 MPa

5.3.2 SPECIMEN DESIGN

Two AS4D/PEKK-FC laminates that consists of 16 unidirectional plies each are manu-
factured by autoclave consolidation. The laminates are Quasi-Isotropic (QI) [0/45/90/-
45/0/-45/90/45]s with the 0 direction in the length of the laminate and are welded on the
0/0-degree interface. For the characterization specimens (DCB and ENF), 540 mm long
strips, 30 mm wide, are machined and are placed on top of each other as shown in Figure
5.3.2a in the welding tool. In the center of welded laminates a 125 mm wide UPILEX
foil with a thickness of 12.5 ym is placed as insert to start the crack. The UPILEX foil is
pre-treated with release agent. The benefit is that a very thin single insert can be used,
thus guaranteeing a sharp as possible initial crack tip [21]. Two characterization (DCB or
ENF) specimens are cut from a single weld.

The full length laminates are cut in half to create two test specimens and are each
machined to a length of 225 mm, with an initial insert length of 60 mm. This specimen size
means that the specimens are long enough to test both the mode I and II fracture toughness
on the same specimen, or several tests on the same specimens, which is convenient during
this research to develop the methodology. However, for actual characterisation tests, it is
recommended to only perform a small pre-crack to ensure that the crack front remains
straight and without a fully developed fracture process zone [21]. After welding, the
specimens are machined to a typical specimen width of 25 mm for the full weld specimens
and 12.7 mm for the weld center specimens as shown in Figure 5.3.2b. The width of 12.7 mm
for the center specimens is chosen as the typical width of the welded interface is in the
range of 14 to 18 mm, depending on the weld temperature. Cutting at the center of the weld
for the weld center specimens is shown in 5.3.2c. The SLS specimens are machined from
two 540 mm long laminates that are welded on the overlap as shown in 5.3.3a. The 0-degree
direction is in the load direction of the specimen, so the welded interface is 0/0-degree.
The specimen design of SLS specimens as shown in Figure 5.3.3 follows ASTM standard
D3165 [110], with a total length of 120 mm an overlap length of 30 mm and nominal width
of 25 mm.
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Figure 5.3.2: Welded joint characterization specimens: a) Welded laminates with upilex foil insert; b) Full weld
and center weld specimen design; c) Machining of center weld specimens.
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Figure 5.3.3: Welded joint validation specimen: a) Welded laminates and SLS cutting scheme; b) SLS specimen
dimensions.
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5.3.3 NON DESTRUCTIVE INSPECTION OF CONDUCTION WELDED JOINTS
Prior to machining the specimen, the quality of the weld is inspected by a Non Destructive
Inspection (NDI) approach [12]. This system utilizes a phased array setup that can map the
quality of the conduction weld through the thickness. The equipment used is the Omniscan
MX scanner with ultrasonic probe. The NDI system can perform A-scan, C-scans and
S-scans to provide information about the weld quality through the thickness and along the
weld direction. Some typical NDI C-scan results are shown in Figure 5.3.4, where the colors
represent the damping of the sound. The color red is 100% and blue is 0% attenuation of
the ultrasonic sound waves. The NDI results presented are from scanning the full length
(540 mm) welded laminates and provide a top view of indications through the thickness.
The red area is typically air at the edges of the weld and at the upilex interface.

Figure 5.3.4: NDI results: a) Partial (kissing) joint; b) Typical weld; ¢) Overheated specimen with defects and edge
delamination.

If is found that the very low temperature (~325 °C) welds showed a partial joint as
shown in Figure 5.3.4a, while the typical (~375 °C, Figure 5.3.4b) welds are joined along
nearly the full length. It is interesting to note that from only the C-scan results it is difficult
to determine the difference between the kissing and the normal weld, however the quality
may be guaranteed if also the temperature and pressure are monitored. During testing it is
confirmed that the specimens from Figure 5.3.4a were indeed a kissing joint. It is also noted
that very high temperatures may cause some (local) overheating. This resulted in more NDI
indications and in some cases melting of the full specimen width, resulting in delaminations
at the edges of the specimens as can be seen in Figure 5.3.4c. Therefore, when welding at
high temperatures, for example welding thick laminates, the specimen width may need
to be increases to prevent this. Furthermore, this also resulted in local impressions in the
laminate. From the NDI inspection it is concluded that slightly wider specimens and a
more gradual temperature ramp up would likely improve the weld quality, but the welds
are considered of sufficient quality for the purpose of developing the characterization and
analysis approach.
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5.4 METHODOLOGY

The conduction welded joints are characterized, tested and analyzed. Testing is performed
at Delft University of Technology (TU Delft). All the experiments are monitored by both a
crack monitoring camera and Digital Image Correlation (DIC) system. For the numerical
analysis, Abaqus commercial finite element software [45] is used.

5.4.1 WELDED DOUBLE CANTILEVER BEAM TEST

The Double Cantilever Beam (DCB) test is performed to characterize the pure mode I
fracture toughness of the welded interface. The test configuration of the DCB test with
geometrical parameters is shown in Figure 5.4.1a. The DCB tests follow the ISO 15024 test
standard [89] and loading blocks are used to load the specimens. The crack length during
the propagation tests is closely monitored by means of a crack monitoring camera and
a Digital Image Correlation (DIC) system as shown in Figure 5.4.1b. The specimens are
tested on a tensile testing machine, at a displacement rate of 0.5 mm/min.

Weld i 2h

(@) (b)

Figure 5.4.1: DCB test at TU Delft: a) Geometrical parameters; b) Test setup with crack monitoring camera and
DIC system.

The initial crack length (ao) for each configuration is determined by means of a compli-
ance calibration procedure. This is done to ensure that the compliance of the QI welded
specimens match the UD tests on autoclave consolidated specimens performed by Tijs
et al. [21] so that the load-displacement curves can be easily compared. The compliance
calibration procedure consists of the following steps. First, different initial crack lengths
as shown in Figure 5.4.2a are tested in the elastic region of the load-displacement curve
and the compliance is measured. Secondly, the compliance for each test is plotted in a
graph as shown in 5.4.2b and a line is fitted. The slope (m) and intercept (n) can then be
used to determine the crack length correction factor (A) at C'/3 = 0 as illustrated in Figure
5.4.2b. This parameter can also be determined as A = n/m. The crack length that would
result in the same compliance for each configuration can now be determined from Figure
5.4.2b or calculated from % = a. These steps are repeated for each configuration and
the resulting parameters are summarized in Table 5.4.1, where Ly is the distance to the
front of the loading blocks.

The Corrected Beam Theory (CBT) is used for the experimental data reduction method
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Figure 5.4.2: Compliance calibration methodology: a) DCB configuration at different crack lengths; b) Compliance
calibration procedure and results.

Table 5.4.1: Compliance calibration parameters of the difference DCB specimens.

Configuration a L m n A
Autoclave UD: 25mm 474 59.9 0.006060 0.055641 9.18
Full weld QI: 25mm 443 56.8 0.006908 0.036918 5.34

Weld center QI: 12.7mm  36.2 48.7 0.008594 0.032224 3.75

and follows the ISO 15024 test standard [89]. Following this method, the critical mode I

energy rate Gyc is:
3P§ F
Giec=————\— 5.1
e 2b(a+A)<N> (5.1)

3 (8\° 3 /6L
F= 10() z(> (5-2)
3 2 2
v () () ) () -5 () 6
a 8 a a? 35\ a

where P and § are the load and displacement, a is the total crack length during crack
propagation and b is the specimen width. The factor F corrects for large displacement,
N corrects for stiffening of the specimen by the loading blocks and A is determined by
the compliance calibration approach. [; and I, are distances to the loading pin centre, as
described by the test standard [89].

where
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5.4.2 WELDED END-NOTCHED FLEXURE TEST

The End-Notched Flexure (ENF) test [92], consists of a three point bending setup of a
welded specimen that has a pre-crack at one of its ends. The test is standardized in ASTM
D7905 / D7905M [84] and is commonly used due to its simplicity to characterize the mode
II fracture toughness. Figure 5.4.3a shows the geometrical parameters of the ENF test and
Figure 5.4.3b shows the test setup with crack monitoring camera and DIC system. A

Figure 5.4.3: ENF test at TU Delft: a) Geometrical parameters; b) Test setup with crack monitoring camera and
DIC system.

compliance calibration approach, based on the test standard [84] is used to determine the
test setup parameters for the different configurations. The approach is shown in Figure
5.4.4a and consists of testing the compliance of specimens at different crack lengths (ag)
and spans (2L). The compliance of each test is then plotted against a°, as presented in
Figure 5.4.4b and a trendline is constructed. The slope, m, and intercept, A, of this trendline
can then be used in the data reduction method to calculate the mode II fracture toughness.
When the proposed method is used to characterize different welded laminates and layups,
special attention needs to be paid to selecting a configuration that will ensure stable crack
propagation. This is achieved by following the guidelines from Tijs et al. [21], which is
briefly explained below.

It appeared not to be feasible to test each configuration at the same compliance while
also respecting the above mentioned guidelines. It is found that testing the ENF specimens
in a compliance range of 0.003 to 0.004 provides good results, if at the same time, the
available crack growth length, L., > 20 mm, and a stability limit, ao/L > 0.55 is respected.
Several spans and crack lengths were tested to investigate the best setup and the parameters
of the configurations selected in this study are presented in Table 5.4.2.

The following equations are used in the data reduction method to determine the mode
II fracture toughness Gyrc [84]:

3mP?a?

e (5.4)

Giic =

1

Aealc = ( Cr_nA> ’ (55)
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Figure 5.4.4: Compliance calibration methodology: a) ENF configuration at different crack lengths; b) Compliance

calibration procedure and results.

where C can be determined for each point along the load-displacement curve (C = §/P) or

calculated from:

C=A+mad’ (5.6)
Table 5.4.2: Compliance calibration parameters of the difference ENF specimens and configurations.

Configuration b 2L (span) m A ag ag/L L

[mm]  [mm] [] [] (mm] [mm] []
Autoclave UD 25.0 130 1.546E-08  2.493E-03 45.0 0.69 20
Full weld QI 25.0 130 2.013E-08 4.347E-03 40.0 0.62 25
Full weld QI 25.0 115 1.594E-08 3.105E-03 33.5 0.58 24
Weld Center QI 12.7 90 3.407E-08 2.775E-03 25.0 0.56 20
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5.4.3 WELDED SINGLE LAP SHEAR TENSILE TEST

Static tensile SLS tests are performed according to ASTM D3165 [110] until failure. This
test is performed as validation for the analysis approach. The tests are carried out using
a ZWICK 250kN universal test machine with hydraulic grips. The specimen size is small
compared to the grip size, so a short gripping length (Lg,;,) is used and set to 35 mm. The
hydraulic grips allow for an offset in gripping position so that bounding of tabs is not
required to prevent secondary bending due to clamping. Due to the small specimen size,
the cross-head speed is set to 0.1 mm/min and a clamping pressure of 100 bar is used to
prevent slippage. The testing machine automatically adjusts the displacements to account
for compressive forces in the specimen due to clamping. DIC pictures of the specimens
were taken before and after clamping to account for pre-stressing due to clamping. Figure
5.4.5a shows the geometrical parameters of the SLS test. One side of the specimen is
speckled for DIC and the other side of the specimen is marked as shown in Figure 5.4.5b
to visually follow the crack tip. Markings are placed starting from the edge of the weld
stamp, which is a few millimeters wider compared to the width of the welded interface
(Wyerq) due to the thermal gradient through the thickness of the conduction weld. DIC is
also used to evaluate the specimen deformation and for comparison against the measured
load-displacement curves which include the compliance of testing machine.

Y

(@) (b)

Figure 5.4.5: SLS tensile test at TU Delft: a) Geometrical parameters; b) Close-up of SLS specimen in hydraulic
grips.

5.4.4 WELDED SINGLE LAP SHEAR 3-POINT BENDING TEST
Three-point-bending tests are performed on the single lap shear specimens (SLS-3PB) on a
test fixture according to procedure A of ASTM D7264 [132]. The aim is to load the welded
joint in a different conditions compared to the tensile test, in order to validate the analysis
approach for a different loading condition. The specimens are positioned at the center
of the overlap, which might have a slight mismatch with the center of the weld, due to
inaccuracy in the actual weld position. The geometrical parameters of the 3PB test are
given in Figure 5.4.6a. Typically, this test is performed on flat laminates with leveled rollers.
Therefore, for the single lap shear joints one of the rollers is shimmed by using a laminate
of the same thickness as the one of the single lap shear specimen arms as shown in Figure
5.4.6b. The span (2L) is set to 60 mm and a loading speed of 1 mm/min is used. The same
crack monitoring system and DIC setup are used as the other tests.
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Figure 5.4.6: SLS-3PB test at TU Delft: a) Geometrical parameters; b) Test setup with crack monitoring camera
and DIC system.

5.4.5 FINITE ELEMENT MODEL

The experimental results are compared to a numerical model of the welded joints using
the built-in functionality of the Abaqus commercial finite element software. Finite element
analysis are used instead of analytical solutions, because the test coupons are non-standard
compared to the typical UD specimens with full-width interface. The welded interface of
the full weld specimen as shown in Figure 5.3.2b has a partial weld width compared to weld
center specimens and both specimens have a QI layup. The geometry, boundary conditions
and loading of the models follows the dimension shown in Figure 5.4.1a (DCB), Figure
5.4.3a (ENF), Figure 5.4.5a (SLS tensile) and Figure 5.4.6 (SLS-3PB). The numerical models
are discretised with through-thickness continuum shell elements (SC8R) and consider only
linear-elastic material behavior. Composite layups are used to define the sections. For the
Young’s modulus E;; and Ej,, the average of tension and compression from Table 5.3.1
are used. The welded interface is modelled through the surface based contact algorithm
available in Abaqus, which accounts for the kinematics of surface contact, cohesive sep-
arations and friction [12]. The mesh size is adjusted to meet the requirements [99] for
cohesive zones and is set to 0.5 mm. The mode I initiation strength is set equal to the
matrix tensile strength Y1 of 87 MPa and the mode II initiation strength is set equal to the
matrix 5% offset shear strength Sy of 90 MPa. Energy based linear softening in combination
with the mixed-mode interaction (1 = 2.9) according to the BK approach [57] is used. A
penalty stiffness with a value of K = 200000 N/mm? is used for the welded interface. On
the surfaces that are not welded, only contact and friction are taken into account.
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5.5 EXPERIMENTAL RESULTS AND COMPARISON WITH FI-

NITE ELEMENT ANALYSIS

This section describes the experimental test results of the four different test configuration
described in Figure 5.3.1 and section 5.4, comparing them to experimental results on UD
specimens from the autoclave manufacturing process [21] and the finite element analysis.
The testing campaign for the characterization tests consists of two phases. First, the
feasibility of the specimen design is evaluated by comparing the two configurations (full
weld versus weld center) and the best configuration is chosen. In the second testing phase,
the influence of the manufacturing process conditions is investigated on the selected
configuration. As a recall from section 5.3.2, the full weld specimen is a 25 mm wide
specimen, but due to the welding process, the actual width of the welded interface is
between 14 and 18 mm. The typical weld width of the first test phase was found to be 15
mm after measuring the fracture surface. The weld center specimens are only 12.7 mm
wide, so there is no difference between the specimen and weld width.

5.5.1 WELDED DOUBLE CANTILEVER BEAM TESTS

EVALUATION OF THE TWO SPECIMEN CONFIGURATIONS

Initially three welds were performed, resulting in six DCB specimens after machining. The
results of the tests is shown in Figure 5.5.1. Two full weld width specimens were performed
(Figure 5.5.1a) and their load-displacement is compared to the FEM using a weld width of
15 mm and a mode I fracture toughness, Gy, of 2.1 kJ/m?. This fracture toughness value is
derived from one of the weld center tests and is used in the FEM of both configurations to
compare their consistency as different vertical axis scale are used. One of the full weld tests
shows a strong increase in fracture toughness after initiation, which is found to be related
to excessive resin near the insert as shown on the fracture surface reported in Figure 5.5.2.
Furthermore, both tests experience some unstable crack growth during propagation, which
may be related to fiber bridging of the 0/0-interface or changes in weld quality.
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Figure 5.5.1: DCB test results for two configurations: a) full weld specimen; b) weld center specimen.
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The experimental results of the full weld specimens are also compared to the autoclave
consolidated test results reported in [21]. This comparison shows that the compliance
calibration approach works well, as the initial compliance is nearly identical each even
though a very different layup (UD vs QI) and initial crack length (ay = 48 mm vs 42 mm)
is used. Interestingly, the load-displacement of full weld specimens reach the same load
levels as the autoclave consolidated laminate, while the width of the weld is much lower
(approx. 15 mm compared to 25 mm), and thus the welded fracture toughness is much
higher compared to the 1.12 kJ/m? of the autoclave process. The fracture surface of the
separated welded laminates also provide insight into the uniformity of the weld temperature
along the 0.5 m. A variation in the order of 14 to 18 mm is observed, furthermore the
higher temperature at the wider weld width could also be confirmed by the thermocouple
data. Based on these observations it is concluded that the full weld specimen provides
an excellent way to gain insight in the weld quality and to optimize the tooling, however
for the determination of the weld material properties this would result in unwanted weld
width effects and variation. The design of the weld center specimens prevents this.

Resin rich (white) unstable crack growth

(Picture taken under angle)

Insert
(crack start)

DCB test crack propagation Specimen separation by hand

Figure 5.5.2: DCB fracture surface of full weld specimen with observed variation in weld width.

The experimental results of the first four tests of the weld center specimens is shown
in Figure 5.5.1b. Again, comparison is made to the FEM using a mode I fracture toughness,
Gie, of 2.1 kJ/m?. The loads are lower compared to the full weld specimens because of the
reduced width, but they are consistent in terms of fracture toughness. During testing of
the weld center specimens it also became more clear that fiber bridging plays an important
role. During one of the tests the crack fully arrested, which caused the load to increase,
and finally caused the crack to propagate unstable. For the other tests, distinct variation in
crack growth speed is observed when fiber bridging occurred and remains of broken fibers
were found on the fracture surface.

INFLUENCE OF THE WELDING PROCESS PARAMETERS

The influence of the welding process parameters on the mode I fracture toughness is
presented in Figure 5.5.3. Figure 5.5.3a shows the influence of the four different welding
temperatures described in section 5.2. The parts of the load-displacement curves that
indicate unstable crack growth, are removed to improve clarity for comparison. The FEM
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results from Figure 5.5.1b are also presented in Figure 5.5.3. Furthermore, comparison
is made to the FEM using the autoclave mode I fracture toughness, Gy, of 1.12 k]/mz.
The results are found to be rather consistent between the different welding temperatures,
exept for the very low temperature weld which created a kissing joint with almost no
strength. Some of the lower temperature weld initiated early and represent the lower
bound experimental results, while some of the high temperature welds show signs of
fiber bridging and resin pockets that locally increase the fracture toughness towards the
upper bound. The influence of cooldown is shown in Figure 5.5.3b. Again comparison
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Figure 5.5.3: DCB test results, influence welding process: a) temperature; b) cooldown.

is made against FEM. The experimental results between stepped and controlled cooling
were found to be similar, however all the free cooling curves tend towards the upper bound
results. One of the possible explanations can be related to crystallization of the polymer
matrix. Free cooldown allows for a rapid decrease in temperature, which may not allow
the thermoplastic material to fully crystallize and this increases the ductility and fracture
toughness of the material [108].

5.5.2 WELDED END-NOTCHED FLEXURE TESTS

EVALUATION OF THE TWO SPECIMEN CONFIGURATIONS

The ENF test results of the two different specimen configurations are shown in Figure 5.5.4.
For the full weld specimens, two different test setups are used. Two tests are performed
by using an initial crack length a0 = 40 mm and a span of 2L = 130 mm. Another test
is performed at an initial crack length a0 = 33.5 mm and a span of 2L = 115 mm. Both
configurations achieved stable crack growth. For each configuration a FEM study using
a mode II fracture toughness, Gy, of 3.5 kJ/m? is performed to investigate the possible
influence of the weld width (15 vs 18 mm as observed in Figure 5.5.2). The comparison of
the test results for the two test setups of the full weld specimen configuration is shown in
Figure 5.5.4a. It is found that the weld width may highly influence the results, therefore
also for the ENF test, it is chosen to perform further testing on the weld center specimen
configuration.
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Figure 5.5.4: ENF test results for the two configurations: a) full weld specimen; b) weld center specimen.

Five tests were performed on the weld center specimen configuration using a test setup
with an initial crack length a0 = 25 mm and a span of 2L = 90 mm. The test results are
presented in Figure 5.5.4b. Two of the tests showed unstable crack growth, which is likely
caused by fiber bridging during the mode I as this made it difficult to create a pre-crack.
The experimental results are compared to FEM using a mode II fracture toughness, Gyj.,
of 3.5 kJ/m?. FEM prediction were also made by using the Gy, of 2.35 kJ/m? from the
autoclave process. The main difference between the observed experimental response is
the more gradual nonlinearity, which is related to the development of the fracture process
zone, as also observed during the experiments on the autoclave consolidated material [21].
The fracture process zone is also observed visually as shown in Figure 5.5.5, which makes
it difficult to identify the crack position. The FEM that uses linear softening seems to be
unable to capture nonlinear effects on the load-displacement curve and it is expected that
the full shape of the cohesive law may need to be used in the analysis to account for this
[21].

Fracture process zone development (white)

Figure 5.5.5: Visually observed fracture process zone during ENF test on full weld specimen.
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INFLUENCE OF THE WELDING PROCESS PARAMETERS

The influence of the welding process parameters on the mode II fracture toughness is
presented in Figure 5.5.6. The influence of the welding temperature on the ENF test by
using the weld center specimens is shown in Figure 5.5.6a. One specimen is removed
due to difficulties with the pre-crack. Again, the very low temperature weld created a
kissing joint with almost no strength as shown by the lowest load-displacement curves is
Figure 5.5.6a. The other mode II tests showed similar peak loads except for one of the cold
temperature tests, which initiated near the fracture toughness according to the autoclave
material [21] and can be observed by comparison to the FEM curve based on the autoclave
Gi. in Figure 5.5.6. Although, some differences are observed between the tests. In some
cases stable crack growth is achieved near the stability limit, which can be seen as an
almost vertical drop in load, while in other cases crack growth appeared more gradual.
Especially the hot temperature appeared more gradual, which suggests a stronger R-curve
effect. The experimental results of different cooldown methods are shown in Figure
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Figure 5.5.6: ENF test results, influence welding process: a) temperature; b) cooldown.

5.5.6b. Two specimens are removed due to difficulties with the pre-crack. Compared to the
controlled cooling, both the stepped and free cooling showed a much larger variation in the
load displacement curve. Interestingly, the lower bound experiment results approach the
fracture toughness values from the autoclave consolidation process of Gy, = 2.35 KkJ/m?,
while the controlled cooldown results are near the Gy of 3.5 kJ/m? used in the FEM.
The exact location of the crack tip is difficult to determine visually as already shown in
Figure 5.5.5, therefore the crack tip position is also evaluated using DIC. The color scaling in
Figure 5.5.7 represents an equivalent strain value between 0-2.5% and the distance between
the visually determined crack tip and the load introduction is 20 mm. The DIC results for 9
points along the load-displacement curve of a standard welding temperature sample are
presented in Figure 5.5.7. The first point in the figure represents the start of the nonlinearity
in the load-dispacement curve. During the development of this nonlineariy (point 1 to 4) it
is difficult to determine the crack tip visually, but the DIC cleary shows high strains ahead
of the crack tip. It is however still difficult to distinguish between a highly strained area or
the actual crack and sliding of the top and bottom interfaces. The peak load is reached at
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point 5, which is the start of stable crack propagation (point 5 to 8) and causes the load to
drop. After the crack has propagated 20 mm, and it reaches the load-introduction point
(point 9), which arrests the crack, resulting in an increase in load.

1000 (0]
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0 1 2 3 4 5
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Figure 5.5.7: DIC measurement of ENF test: a) Load-displacement curve with nine measurement points; b) DIC
results of measurements, equivalent strain 0-2.5%.
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5.5.3 WELDED SINGLE LAP SHEAR TENSILE TESTS

Welded single lap shear tests are performed on a 250 kN Zwick tensile machine with
hydraulic grips. The benefit of this machine is that gripping can be performed at an offset
to prevent secondary bending. The results of the experiments, including the effect of
the welding process temperature is shown in Figure 5.5.8. Initially, two tests (standard
temperature) are performed using 50 bar of grip pressure. Some movements in the grips
are observed which are also visible in the load-displacement curve as an increase in
displacement in the linear part of the curve for one of the tests. However, the failure load is
nearly identical. All other tests are performed by a gripping pressure of 100 bar and show
consistent results. The cold temperature fail at approximately 14 kN, while the standard
temperature samples fail slightly above 16 kN and hot specimens reach nearly 18 kN. The
FEM that uses linear softening predicts a failure load of approximately 15 kN but is unable
to predict the nonlinearity and shows some stiffening instead. The stiffening is likely due
to the boundary conditions and is further evaluated in section 5.6.
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Figure 5.5.8: SLS tensile load-displacement curves: Weld size based on fracture surface for three weld temperatures.

Interestingly, when observing the fracture surface of the failed specimens, as shown
in Figure 5.5.8, several effects become apparent: (1) The influence of weld temperature
seems to highly influence the size/area of the weld, (2) The light colored area near the
edge of the weld (top and bottom) contain large amounts of resin, (3) The edge of the weld
shows signs of stable crack growth and/or development of a fracture process zone, and
(4) through the thickness waviness/fiber nesting and signs of fiber failure is observed for
the hot specimens. A close-up of the resin rich fracture process zone is shown in Figure
5.5.9a and fiber failure due to waviness/fiber nesting in Figure 5.5.9b. It is considered likely
that the difference in weld area and influence of waviness/fiber nesting contributes to the
main differences in strength observed in Figure 5.5.8. This will be further investigated by
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analysis in section 5.6. The development of the fracture process zone in the SLS test can

(b)

Figure 5.5.9: Close-up of fracture surface SLS of hot weld: a) Resin-rich area 10x; b) Fiber waviness/nesting and
failure.

also be observed when use is made of DIC techniques [133]. The result of one of the hot
specimens is shown in Figure 5.5.10. The edge of the SLS specimen is speckled with a fine
spray and the equivalent strain is determined from the measured displacements. The color
scale in Figure 5.5.10 is linear from 0 to 2.5% strain and pre-stresses from clamping are
included in the DIC strain analysis. From the experimental load-displacement combined
with the DIC results it becomes apparent that the nonlinearity in load-displacement is
related to the development of the fracture process zone. At the start of the nonlinearity
(1) the local strains in the welded interface gradually develop a fracture process zone (2).
When this fracture process zone becomes large enough, and finally achieves high strains
along the full weld, the peak load is reached (3) and the load drops, causing the specimen
to fail.
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Figure 5.5.10: DIC measurement of SLS test: a) Load-displacement curve with three measurement points; b) DIC
results of measurements, equivalent strain 0-2.5%.
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5.5.4 WELDED SINGLE LAP SHEAR 3-POINT BENDING TESTS

Welded single lap shear specimens are tested in 3-point bending for the three different
welding temperatures. The experimental load-displacement curves are shown in Figure
5.5.11. Similar failure loads of approximately 1.2 kN are observed between the different
specimens, except for one of the hot temperature samples that showed excessive fiber
bridging and failed at approximately 1.4 kN. Figure 5.5.11 also presents the fracture surface
of the different welding temperatures. This comparison shows a similar trend of the relation
between welding temperature and weld size as the SLS tensile tests in Figure 5.5.8. The
main difference is that in the SLS-3PB test, only one side of the fracture process zone
shows a white marking. This is the side that opens in bending, which may suggest a more
dominant mode I opening of the crack as the fracture surface of the DCB appears lighter
compared to ENF. The different weld sizes also influence the bending stiffness of the SLS
joint due to the larger joined surface. The FEM that uses linear softening predicts a failure
load of approximately 1.1 kN but is unable to predict the nonlinearity.
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Figure 5.5.11: SLS-3PB load-displacement curves: Weld size based on fracture surface for three weld temperatures.
Dashed line represents crack stop at load-introduction.

The failure process of the SLS-3PB test is investigated at five different points along
the load-displacement curve by means of DIC. The results are shown in Figure 5.5.12. At
the start of the nonlinearity (1) the crack opening is at the edge of the weld and gradually
develops (2-4) until the remaining area becomes sufficiently small to cause unstable crack
propagation and failure of the joint (5). It demonstrates that the nonlinearity in both the
SLS tension and 3PB test is related to the development of the fracture process zone.
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Figure 5.5.12: Load-displacement curve and failure process evaluation of SLS test by means of DIC, equivalent
strain 0-2.5%.

Although failure loads were similar, the SLS-3PB test is found to be rather sensitive
to the size and position of the weld. The weld size of 15 to 18 mm allows for only 7.5
to 9 mm of crack growth until the center roller is reached. If the weld is not perfectly
centered, this may become even smaller or may force the crack to start from a specific
direction. Compared to the ENF, which showed a much larger fracture process zone, the
available short crack growth length means that the results are likely influenced by the
load-introduction. This effect is observed in two of the standard temperature welds which
are dashed in Figure 5.5.11. The crack grows up to the load-introduction of the 3PB test
and laminate failure is observed without failure of the full joint. This is shown in the DIC
image presented in Figure 5.5.13 where the red color indicates failure (2.5% equivalent
strain) in both the weld and the laminate.

Figure 5.5.13: DIC measurement of SLS-3PB test: a) Load-displacement curve with five measurement points; b)
DIC results of measurements, equivalent strain 0-2.5%.
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5.5.5 FRACTOGRAPHIC INVESTIGATION

The fracture surface of the mode I and II tests is investigated by means of Scanning Electron
Microscopy (SEM). This provides insight into the interlaminar damage mechanism so that
a comparison can be made with autoclave consolidated fracture surfaces recently published
by Tijs et al. [21] that were tested in the same loading modes. The main difference between
the autoclave manufacturing process is the prolonged constant time and slow cooldown
rate. Both the UD autoclave and welded QI specimens have a 0/0 degree interface angle,
which is the fracture surface presented in this section.

SEM micrographs at different magnifications of fiber bridging during mode I are shown
in Figure 5.5.14. Pull-out of large fiber bundles on the fracture surface were observed in the
fracture surface of samples from the autoclave process as shown in Figure 5.5.14a [21]. The
same phenomena is also observed for the welded specimens, as shown in Figure 5.5.14b.
At 1000x magnification, as shown in the close-up of Figure 5.5.14c a significant difference
is observed between the fracture surface of the autoclave and welded fracture surface. The
fracture surface of the welding process shows more extensive polymer drawing out in the
plane normal to the fiber direction and plastic deformation of the polymer. Furthermore,
the fibers show even larger presence of polymer material on the fibers. This experimental
evidence may explain the significant increase in fracture toughness measured during the
welded DCB tests.

(b)

Figure 5.5.14: SEM micrographs of mode I fiber bridging fracture surface for different manufacturing processes: a)
Autoclave, 300x; b) Welding, 250x; c) Close-up autoclave versus welding, 1000x.

The difference between the autoclave and welded fracture surface in mode I, and the
presence of more plastic deformation, can also be observed in matrix rich locations. This
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comparison for 1000x magnification is shown in Figure 5.5.15a and b, and with 3000x
close-up in Figure 5.5.15¢. Similar excessive polymer draw out is observed in the fiber beds.
This plastic deformation of the polymer appears at fine offsets along the fiber direction
for the welding process. The typical circular patterns that may suggest a relation with the
crystallization kinetics of the thermoplastic polymer matrix [98] as shown in 5.5.15¢ [21] is
not observed. This may suggest that crystallization during welding is different compared
to autoclave consolidation, even though both processes allow for sufficient time for the
fast-crystallizing PEKK polymer to crystallize [67].

(b)

Figure 5.5.15: SEM micrographs of mode I fracture surface of matrix for different manufacturing processes: a)
Autoclave, 1000x; b) Welding, 1000x; c) Close-up autoclave versus welding, 3000x.

SEM micrographs of the fracture surface of the mode II test are shown in Figure 5.5.16
and are again compared to micrographs from fracture surfaces of the autoclave process
[21]. At 700x and 3000x magnification the failure mechanisms appear very similar, which
feature extensive plastic deformation in the plane of the delamination, with some signs of
broken fibers. This comparison is shown in 5.5.16a and b. Furthermore, some regions show
resin rich areas with plastic deformation as shown in the close-up of Figure 5.5.16c, while
other areas lack the presence of large amount of resin.
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Figure 5.5.16: SEM micrographs of mode II fracture surface for different manufacturing processes
700x; b) Welding, 700x; c) Close-up autoclave versus welding, 3000x.

: a) Autoclave,
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5.6 ANALYSIS AND DISCUSSION

Some of the effects observed in the experimental results, such as the nonlinearity in the
load-displacement curves, the development of the fracture process zones and the influence
of the weld size on the failure loads are discussed in this section. First the mode I (DCB)
and mode II (ENF) characterization data is evaluated and this is then used to study the SLS
joint during tensile and 3PB loading in the numerical analysis. For each test, comparison is
made to the 'default FEM’ results presented in section 5.5.

5.6.1 WELDED DOUBLE CANTILEVER BEAM ANALYSIS

The load-displacement curve of one of the standard temperature welded DCB specimens is
shown in Figure 5.6.1a and the data reduction methodology described in section 5.4.1 is
used to determine the mode I fracture toughness. The mode I fracture toughness for each
crack length is shown in the R-curve in Figure 5.6.1b. The R-curve shows a small increase in
fracture energy at the start and reaches a plateau of approximately 1.95 kJ/m? shortly after,
as identified with the dotted line in Figure 5.6.1b. Compared to Figure 5.5.1 and 5.5.3, this
is towards the lower bound experimental results. However, for the numerical analysis it is
chosen to be consistent, so all results are evaluated using the standard welding temperature
results. Therefore, a Gy = 1.95 kJ/m? is selected for the following analyses and the mode
I strength is set to 87 MPa. Due to the variation observed in the experimental results in
Figure 5.5.3 the shape of the cohesive law is assumed to have a general exponential form
and reaches fully damaged state at 0.15 mm opening displacement. Verification of the
cohesive law is shown in Figure 5.6.1a by comparing the experimental load-displacement
curve to the FEM.
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Figure 5.6.1: Analysis of standard temperature weld DCB test: a) Load-displacement curves with crack growth
propagation (PROP) points and comparison with FEM; b) R-curve with selected mode I fracture toughness.
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5.6.2 WELDED END-NOTCHED FLEXURE ANALYSIS

In the comparison of the FEM analysis with the experimental ENF test results presented in
Figure 5.5.4 and 5.5.6 it is found that the default FEM analysis has difficulties in predicting
the nonlinearity in the load-displacement curve. The FEM also predicts unstable crack
propagation while the experiments show stable crack propagation. The analysis results
are compared to a load-displacement curve of one ENF test in Figure 5.6.2a. By making
use of the numerical methodology described by Tijs et al. [21], which allows for taking
into account the shape of the Cohesive Law (CL), it can be demonstrated that a different
shape of the CL is likely responsible for the different behavior. Figure 5.6.2b shows a
comparison between the default linear softening and four different shapes of cohesive
laws. During this comparison it is found that the mode II fracture toughness, Gy, had to
be increased from 3.5 kJ/m? to 3.7 kJ/m?. The difference between the four cohesive laws
in Figure 5.6.2b is as follows: CL-1 and CL-2 are nearly identical except for the initiation
strength. Since the mesh size is sufficiently small [99], this has no significant influence
on the load-displacement curve. CL-3 and CL-4 dissipate more energy at the start of the
cohesive law and cause the failure load to increase and reduce the nonlinearity. Therefore
it is found that the tail of the cohesive law is responsible for most of the nonlinear behavior.
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Figure 5.6.2: Influence cohesive law on the load-displacement curve of the ENF test: a) FEM load-displacement
curves; b) Cohesive laws.
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5.6.3 WELDED SINGLE LAP SHEAR TENSILE ANALYSIS

The numerical evaluation of the welded SLS tensile test considers two analyses: (1) The
influence of the weld width on the failure loading, using the default FEM; (2) The influence
of the cohesive law on the nonlinearity of the load-displacement curve. The difference
between the FEM result presented in Figure 5.5.8 is the gripping length, which gives a
stiffening effect in the load-displacement curve when applied at the full length of the
specimen. On the imprints of the hydraulic grips it is found that the grips provide clamping
over the first 30 mm of the specimen and that the grip center is near the end of the specimen.
In the FEM model this is simplified to be fully constrained at 30 mm. The influence of the
weld width on the failure load is studied between 10 mm and 20 mm and the results are
presented in Figure 5.6.3a. It is found that the predictions are approximately 1 kN lower
compared to the results presented in Figure 5.5.8, but the influence of the weld width is
well predicted.
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Figure 5.6.3: Numerical analysis of the SLS tensile test: a) Influence of weld width on failure load; b) Influence of
cohesive law on load-displacement nonlinearity (cohesive damage field output).

The influence of the cohesive law on the nonlinearity of the load-displacement curve is
shown in Figure 5.6.3b and is compared at four different points along the load-displacement
curve. The size of the fracture process zone is identified with the cohesive damage field
output variable, where red represents a fully damaged interface. The use of the cohesive law
promotes the development of the fracture process zone and initiates the nonlinearity early
at approximately half-way (2) of the load-displacement curve. Compared to the default
FEM, the fracture process zone becomes significantly larger (3-4) resulting in a nonlinearity
in the load-displacement curve and a reduced failure load. It is observed that this does
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not significantly increase the total displacement as found in the experimental results. It
can not be predicted by the current simplified approach, which collapses all dissipating
fracture mechanisms into the cohesive surface and does not account for the nonlinearity
due to plasticity in both the interface and its surrounding. The fact that plasticity plays an
important role is already confirmed in the SEM micrographs.

5.6.4 WELDED SINGLE LAP SHEAR 3-POINT BENDING ANALYSIS

The results of the numerical analysis of the SLS-3PB test is presented in Figure 5.6.4. Similar
as for tensile loading, both the influence of weld width and cohesive law are investigated.
The influence of the weld width on the failure load is shown in Figure 5.6.4a. Six analyses are
performed covering 10 to 20 mm of weld width. It is shown that the weld width influences
both the failure load and the bending stiffness of the specimen. Also, the shorter weld
width allows for little crack propagation before reaching the load-introduction point, which
arrests the crack in the numerical analysis. This effect is also observed in some of the
experimental results presented in Figure 5.5.11. Furthermore, the numerical analysis shows
that crack propagation is close to the stability limit, which may explain why some joints
fail and others arrest in the experimental results.
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Figure 5.6.4: Numerical analysis of the SLS-3PB test: a) Influence of weld width on failure load; b) Influence of
cohesive law on load-displacement nonlinearity (cohesive damage field output).

The influence of the cohesive law on the nonlinearity of the load-displacement curve
at three points is shown in Figure 5.6.4b. The size of the fracture process zone is identified
with the cohesive damage field output variable, where red represents a fully damaged
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interface. It is shown that the cohesive law has a pronounced influence on the nonlinearity
of the load-displacement curve. This results in a more gradual drop in the maximum load
before reaching arrest due to the load-introduction point. Considering these effects it
is expected that the SLS-3PB test is rather sensitive to the weld size, to the position of
the weld within the overlap and asymmetry due to the positioning of the specimen. It is
also expected that the load-introduction influences the failure process as for the ENF test.
Similarly, as observed during the SLS tensile test analysis, the size of the fracture process
zone in the numerical analysis appears to be larger compared to the experimental results.
This may suggest that more fidelity is required, for example modelling multiple layers or
including a finite thickness interface. Furthermore, including effects such as plasticity as
one of the dissipating failure mechanisms may be required.

5.7 CONCLUSIONS

Thermoplastic composite conduction welded joints are successfully characterized, tested
and analyzed, while accounting for the influence of the manufacturing process. Welding
recipes are designed to weld AS4D/PEKK-FC thermoplastic composites specimens using
four different temperatures and three different cooldown methods on a half a meter long
welding tool. The weldability of the specimens is ensured by making use of a quasi-
isotropic layup. The laminates are welded with a 0-degree interface angle so that there are
no secondary failure modes and crack propagation is only at the welded interface. Double
Cantilever Beam and End-Notched Flexure specimens are successfully designed from the
welded laminates to characterize the fracture toughness of the joint in both mode I and II
loading condition. A compliance calibration strategy is used to test and easily compare the
different configurations. During testing it was found that specimens cut from the center of
the weld provided the most reliable results, as there is no influence of variation in weld
width. Besides, the measured fracture toughness of the welded joint is significantly higher
compared to autoclave consolidated thermoplastic material. A small effect on the fracture
toughness is observed due to welding process conditions if the typical process window is
respected. Similar to autoclave consolidated specimens, effects of fiber bridging on the
fracture toughness are identified. Micrographs of the fracture surface revealed that the
increase in fracture toughness may be explained by the difference in failure mechanisms
and more excessive plastic deformation of the thermoplastic polymer matrix.

The welded joints were also tested in tension and in three-point-bending by making use
of single lap-shear specimens. The influence of the manufacturing process showed a more
pronounced effect on the strength of the welded joint during these tests. The experiments
showed that the weld temperature highly influences the weld size, which can be directly
related to a change in strength. For hot welding temperature, the influence of fiber bridging
and nesting further increased the strength. Furthermore, DIC measurements during the
SLS test revealed the gradual development of a fracture process zone, similar to the mode II
characterization test, that can be related to the nonlinearity in the load-displacement curve
in both the tensile and bending SLS test. It also appeared that testing in three-point-bending
introduces difficulties related to the small weld width compared to the available crack
growth length. This led to crack arrest in some samples, with laminate failure as a result.

The analysis showed that the numerical methods predicted unstable crack propagation
in mode II, while the experiments showed nonlinear behavior and a more gradual fracture
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process. It was found that the shape of the cohesive law is responsible for this effect
in the numerical analysis. The measured fracture toughness is used in the numerical
analysis to also predict the strength of the SLS joints in tensile and three-point-bending
loading. Use of the FEM with linear softening showed that the effects of weld size on
the joint strength can be predicted, but in a conservative manner. By accounting for the
shape of the mode II cohesive law the nonlinearity of the load-displacement curve can be
predicted, and the limitation of the cohesive zone approach, which collapses all dissipating
fracture mechanisms to a single interface, may be responsible for the difference between
the numerical and experimental fracture process zone, size as plasticity in the surrounding
material is not accounted for.

Summarizing, new insights in the relation between the manufacturing process, the
quality of the weld and the mechanical properties of the welded joints are provided, together
with useful tools to support the design and analysis of thermoplastic conduction welded
joints.
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RECOMMENDATIONS

6.1 CONCLUSIONS

The research presented in this thesis describes the analysis of matrix dominated failure of
thermoplastic composites and conduction welded joints. Both experimental and numerical
methodologies are developed to support the design of thermoplastic composites structures.
The research addresses important linkages between the three main pillars of Manufacturing,
Experimental and Numerical analysis and special attention is paid to the influence of the
manufacturing process on the mechanical behavior by evaluating both the autoclave and
conduction welding manufacturing process. The conclusions derived from the individual
chapters can be summarized as follows:

« The importance of accounting for large deformation in predicting matrix failure,
in particular ply splitting, by means of continuum damage models is demonstrated
by studying two distinct approaches at the single element, ply and coupon level.
The first approach is based on small-strain increments and the Cauchy stress. This
approach runs into difficulties during large shear deformation as spurious stresses
trigger incorrect failure modes. The incorrectly defined matrix crack orientation due
to material axis rotation may cause load transfer across matrix cracks, where the
strain and/or rotations due to softening and material nonlinearity may become large
enough to invalidate the assumptions inherent to small strain theory. Analysis of
the open-hole laminate also confirm that the first approach is unable to predict the
correct failure mechanisms at the meso-scale. The present analysis also highlights
that the inaccuracy in the analysis can be corrected by expressing the constitutive
equations based on a Lagrangian kinematic measure. This is done through the use
of the Green-Lagrange strain and the 2" Piola-Kirchhoff stress and allows for pre-
diction of fully developed ply splits. These ply splits show a strong interaction with
delaminations and significantly improve the prediction of the failure mechanisms at
the meso-scale for the open-hole coupon test. These improvements in the numerical
methodology are successfully used in the thesis to predict the matrix-dominated fail-
ure modes of thermoplastic composites welded joints. This is found to be important,
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as the increased toughness and nonlinear behavior of the thermoplastic polymer will
promote larger deformations in the local failure mechanisms.

The interlaminar behavior of autoclave consolidated AS4D/PEKK-FC thermoplastic
composites is characterized and analyzed during quasi-static loading. During the
analysis, special attention is paid to the influence of fiber bridging and R-curve effects.
Both experimental and numerical analyses are performed on Double Cantilever Beam
(Mode I), End-Notched Flexure (Mode II), Calibrated End Loaded Split (Mode II), and
Mixed-Mode Bending (Mixed Mode I/II at 50:50) test configurations. Mode II in three-
point-bending with the End-Notched Flexure test method appeared to be difficult due
to the presence of a large fracture process zone and several recommendation were
given to account for this issue. Fractographic analysis provided new insights into
the interlaminar damage mechanisms present in the fracture surface and confirmed
the presence of large scale fiber bridging and significant plastic deformation in the
thermoplastic polymer matrix. The micrographs confirmed the absence of fiber
bridging in Mixed Mode I/II at 50:50 and Mode II loading conditions. Furthermore,
indications suggest that polymer crystallization may play an important role in the
matrix-dominated behavior. The load-displacement curves of the experiments are
evaluated using a recently developed data reduction methodology. This method is
convenient for materials that experience large fracture process zones, as it does not
require measuring the position of the crack tip, and the methods provide cohesive
laws for the numerical analysis method as output. It is found that the cohesive laws
of the Mode II tests were nearly identical, which confirms that the cohesive law is
independent of the test configuration and reproducible results are obtained at two
different labs. The new procedure that is developed to process the experimental
cohesive laws allows for direct implementation in commercial finite element software,
without user-defined subroutines. New insights into the role of fiber bridging on the
mixed-mode interlaminar behavior are found and a rather low initiation fracture
toughness is observed. Most of the scatter in fracture properties is observed during
propagation, and likely attributed to fiber bridging. Fiber bridging is also found only
to increase the fracture toughness when sufficient crack opening displacement is
achieved, thus something to consider for small cracks that may not benefit from this
increase in toughness. The tabular cohesive laws are implemented for the numerical
analysis into a single material card and it is found that special considerations were
required for the mixed-mode behavior due to fiber bridging. After considering the
fiber-bridging and R-curve effects, good correlation for all the different experimental
test configurations was achieved.

The mixed-mode interlaminar properties and the new continuum damage model are
use to analyse the strength and failure behavior of welded single lap-shear joints both
numerically and experimentally. Test coupons are designed for welding by means of
a robot and tested by Fokker/GKN aerospace. The experiments demonstrate that the
complex failure behavior of the welded joints show a pronounced interaction with
the failure modes of the surrounding plies. For the numerical analysis of the welded
joint both a simplified and a high-fidelity approach is proposed. The simplified
approach, which is based on the cohesive zone method, predicts conservative joint
strength when unidirectional autoclave consolidated interlaminar fracture toughness
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properties are used. Scaling the properties required an apparent fracture toughness
that is approximately 2.5 times higher compared to measured from the autoclave ma-
terial. The new high-fidelity modelling approach is used to investigate the influence
of the complex failure behavior of the welded joint. It is demonstrated that the new
continuum damage model is able to accurately predict the matrix failure and ply
splitting failure modes of the welded joint. However, it was also found that predicting
the upper bound experimental results is still difficult and some limitations to the
numerical methodology such as, mode-mixity during crack propagation, non-zero
matrix crack angles near the welded interface and not considering frictional effects
on the fracture plane were identified. The analysis methodology is then used to
explore the influence of possibly different inter- and intralaminar material properties.
This appeared to have a strong effect on the joint strength and may significantly
influence the failure modes. This study predicted that the most likely source of the
mismatch in prediction may be related to changes in local material properties due to
the welding manufacturing process.

« A methodology to characterize, test and analyse thermoplastic composite conduc-
tion welded joints is developed and validated. Welding recipes are designed to
join AS4D/PEKK-FC thermoplastic composites specimens using various different
manufacturing process parameters. The weldability of the laminates is ensured
through the use of a quasi-isotropic layup, which is welded at a 0-degree interface
angle. This was done based on experience of the single lap-shear joints to prevent
secondary failure modes and to force the crack to propagate only at the welded
interface. Characterization tests are performed by means of double cantilever beam
and end-notched flexure tests on two different specimen configurations. The first
configuration, identified as full weld specimen provided most insight in the manufac-
turing quality of the weld, however, the specimens cut from the center of the weld
were found to be the most representative to characterize the material properties of
the joint as there is no influence of variation in weld width. The measured fracture
toughness values of the welded joints are found to be significantly higher compared
to autoclave consolidated thermoplastic material. Furthermore, only little influence
on the fracture toughness is measured if temperatures are within the typical manu-
facturing process window. The influence of fiber bridging on the fracture toughness
is also observed during testing and on the fractures. The fractographic analysis also
revealed that the increase in fracture toughness compared to the autoclave material
may be explained by the difference in failure mechanisms. Also, more excessive
plastic deformation of the thermoplastic polymer matrix was found. Experiments of
the welded single lap-shear joints during tensile and three-point-bending showed
that the influence of the manufacturing process had a more pronounced effect on the
strength as the welding temperature highly influences the width of the welded inter-
face. Furthermore, welding at hot temperatures further increased the strength due
to excessive fiber bridging and nesting of the fibers. Digital image correlation on the
single lap-shear joints identified that the nonlinearity in the load-displacement curve
can be correlated to the development of a fracture process zone for both the tensile
and three-point-bending test. Although, the three-point-bending test is not found
to be reliable due to the small weld width compared to the available crack growth
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length available. The analysis of the characterization tests showed that the default
linear softening law is unable to predict the nonlinearity in the load-displacement
curves observed experimentally. The linear softening laws also introduced unstable
crack propagation, while the experiments showed a more gradual failure process.
Introducing the correct shape of the cohesive law could improve the prediction of
the nonlinearity, but the numerical analysis was unable to increase to total displace-
ment compared to what is observed experimentally. The numerical fracture process
zone size also appeared to be larger compared to the experiments. It is discussed
that the limitation of the cohesive zone approach, which collapses all dissipating
fracture mechanisms to a single interface, may be responsible for the difference
between the numerical and experimental fracture process zone size as plasticity in
the surrounding material is not accounted for.

In this research, the matrix dominated failure of thermoplastic composites and conduction
welded joints has been studied in great detail and several experimental and numerical
methodologies are developed to support the design of thermoplastic composites structures.
The general conclusions in relation to the three main pillars are that for Manufacturing the
developed welded joint specimens can be used to determine both to the manufacturing
quality and material properties of the weld. The methodology can also be used to explore the
boundaries of the manufacturing process window in relation to quality and performance
of the welded joints. Furthermore, it is demonstrated that the material properties of
the thermoplastic composite are highly influenced by the manufacturing process. The
mechanical behavior of the welded joints is significantly different compared to material
from the autoclave manufacturing process and needs to be considered in the design process.
Furthermore, it is expected that the geometry, layup and thermal mass of the welded
structure will influence the weld width and thus influences the joint strength. The developed
Experimental methodologies provide insight into the failure mechanisms that determine the
fracture toughness and joint strength of the thermoplastic composite and welded joints. The
data reduction methodology based on only the load-displacement curve and compliance
calibration approach allows for evaluation of the experimental data without the need to
monitor the crack tip and can thus also be used in situations where placing a camera system
is difficult, for example while testing environmental conditions in a climate chamber. The
approach to represent the cohesive law in tabular format is developed and validated on
interlaminar behavior, but the method is general applicable and may also be used to describe
translaminar failure. Furthermore, the method is not limited to only interface elements or
cohesive surfaces and it is demonstrated that the cohesive zone method can be used for
the Numerical analysis of the welded joints. The use of the cohesive law in the numerical
analysis allows for a detailed description of the failure behavior and can take into account
both the initiation and propagation values. This means that the analysis methodology
will provide an accurate prediction for both small at the coupon level but also for large
cracks at the structural level. For the continuum damage model it is demonstrated that
the improvements in general of high importance when large deformations are present in
within the local failure mechanisms. It is also demonstrated that the methodology improves
the high-fidelity analysis of both thermoset and thermoplastic composites.
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6.2 RECOMMENDATIONS

The present work provides new insights into the matrix dominated failure of thermoplastic
composites and conduction welded joints. From the research several recommendations can
be made, which may also be used to define future research directions. The recommendations
are summarized below for each of the three main pillars.

Manufacturing: The influence of the manufacturing process cycle on the mechanical
behavior and failure mechanisms of thermoplastic composites is demonstrated, however,
this could be further explored with the developed methodologies. It is recommended
to studies a wider variation of temperatures, constant times and cooldown rates. The
influence of high, above theoretical polymer degradation, temperature on the NDI quality
and stamp surface may need to be investigated including the effect of thermal history and
polymer degradation. Welding with excessively low temperatures resulted in a "kissing
weld’ in the NDI results. It is recommended to always measure stamp and anvil laminate
surface temperature to ensure a minimum temperature, quality and size of the welded
interface. Ideally the reaction and uniformity of force/pressure on the stamp should also
be measured. Also, welding is currently performed based on a recipe defined by generator
power and time. This makes the process depending on the welding conditions such as
environment, boundary conditions and thermal mass of the parts. It is recommended
to develop a feedback loop based on measured temperatures on the part to control the
process. The edge distance of the weld needs to be determined based on the thermal mass
and required welding temperature of the configuration in order to prevent melting of the
laminate edge and edge-delaminations. Finally, it is also recommended to further study the
influence of the manufacturing process cycle on AS4D/PEKK-FC thermoplastic composites
at the polymer level, however, the fibers may influence crystallization kinetics.

Experimental: The influence of fiber-bridging plays an important role in the measured
fracture toughness. It is assumed that by using a small interface angle (for example 5°)
instead of the typical 0-0 degree interface angle, this effect could be removed and may
lower the fracture toughness values towards the initiation fracture toughness. Also, the
initial conditions of the insert or length of the pre-crack may have a strong influence on
the measured R-curve. This may be important for a large variety of materials with a large
fracture process zone. The welded joint material properties are increased compared to the
autoclave consolidated material, but the crack propagation appeared more unstable. This in
combination with fiber bridging and secondary failure modes may increase the scatter and
reduce the B-value design allowables. It is recommended to further investigate the sources
of scatter. The experimental methodologies that are developed are general applicable and
be used in climate chambers. Therefore, the performance and material behavior of the
welded joints during environmental conditions can be used to determine the most critical
material properties for the design of thermoplastic composite interfaces and welded joints.

Analysis: The design guidelines of thermoplastic composite structures may need to not only
consider the welded interface but also the surrounding plies. Furthermore, the influence
of the interface ply-angle may have a strong influence on the joint strength and requires
further investigation. Virtual Testing may be used to explore the boundaries of the design
space and could help to de-risk unexpected failure modes. Matrix damage due to large out-
of-plane shear, interaction with cohesive surfaces and their corresponding failure criteria
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needs to further explored in the modelling methodology. In particular, the influence of
matrix damage, crack angle and local softening on delamination growth. In the continuum
damage model, the crack angle after mode-mixity change or re-loading needs to be further
explored and may require a energy-based mixed-mode definition. Finally, the cohesive
zone analysis is able to predict a large process zone and corresponding nonlinearity in the
load-displacement curve. However, the size of the process zone appears to be larger as
observed experimentally. The influence of plasticity in the surrounding of the cohesive
zone may need to be explored to explain this effect.
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in the APU compressor casing where he got his first experience in studying material failure
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